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Abstract

The increasing ownership of electric vehicles, in-home solar and wind generation, and
wider penetration of renewable energies onto the power grid has created a need for
grid-based energy storage to provide energy-neutral services. These services include
frequency regulation, which requires short response-times, high power ramping capabil-
ities, and several charge cycles over the course of one day; and diurnal load-/generation-
following services to offset the inherent mismatch between renewable generation and the
power grid’s load profile, which requires low self-discharge so that a reasonable efficiency
is obtained over a 24 hour storage interval. To realize the maximum benefits of energy
storage, the technology should be modular and have minimum geographic constraints,
so that it is easily scalable according to local demands. Furthermore, the technology
must be economically viable to participate in the energy markets.

There is currently no storage technology that is able to simultaneously meet all
of these needs. This dissertation focuses on developing a new energy storage device
based on flywheel technology to meet these needs. It is shown that the bearingless
ac homopolar machine can be used to overcome key obstacles in flywheel technology,
namely: unacceptable self-discharge and overall system cost and complexity.

Bearingless machines combine the functionality of a magnetic bearing and a mo-
tor/generator into a single electromechanical device. Design of these machines is par-
ticularly challenging due to cross-coupling effects and trade-offs between motor and
magnetic bearing capabilities. The bearingless ac homopolar machine adds to these
design challenges due to its 3D flux paths requiring computationally expensive 3D finite
element analysis. At the time this dissertation was started, bearingless ac homopolar
machines were a highly immature technology. This dissertation advances the state-
of-the-art of these machines through research contributions in the areas of magnetic
modeling, winding design, control, and power-electronic drive implementation. While
these contributions are oriented towards facilitating more optimal flywheel designs, they
will also be useful in applying the bearingless ac homopolar machine in other applica-

tions. Example designs are considered through finite element analysis and experimental

iv



validation is provided from a proof-of-concept prototype that has been designed and

constructed as a part of this dissertation.
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Chapter 1

Introduction

1.1 Distribution grid-based energy storage

1.1.1 Motivation

Recently, the electric power grid has seen an increase in wind and solar generation
as well as increasingly volatile loads from electric vehicles (EVs). The integration of
available renewable generation is mandatory and has the effect of displacing a market’s
highest cost generators. These generators often have the fastest response time and the
highest ramp rates and are therefore typically those best-suited for providing frequency
regulation and load following services to the power grid [I]. Renewable generation is
typically unable to provide regulation and its variability can actually increase the need
for regulation. This means that one result of adding renewable generation to a market
is a reduction in the market’s regulation capacity which, combined with sudden changes
in distribution grid load due to EV charging, decreases the reliability of the power grid.
Additionally, there is a diurnal generation cycle present in the renewable technology that
does not match the power grid’s diurnal load cycle, causing more volatile energy prices.
At current levels of renewable generation, the threats posed by these problems have been
shown to be manageable. However, with initiatives to significantly increase renewable
penetration, such as the Department of Energy’s “20% wind by 2030,” and the continued
integration of renewable vehicles, these issues will need to be addressed. Both frequency

regulation and diurnal load following services are energy neutral and, because generators



2
must deliver a net positive amount of energy to the grid, it is suggested in [IH7] that
energy storage devices be used to provide these services.

To maximize the benefits of energy storage, this dissertation proposes locating stor-
age modules on the distribution grid, near points of congestion. This would allow the
grid operator to direct bulk energy to points of anticipated load when it is most optimal
to do so, i.e. so as to increase transmission efficiency or avoid curtailing renewable gener-
ation when load is lacking (diurnal load following). These devices could simultaneously
provide frequency regulation services in response to local grid conditions to increase
the grid stability. Moreover, locating energy storage near points of load would enable
the grid infrastructure (transformers and transmission lines) to operate closer to the
average load, enabling utilities to avoid costly upgrades due to large peak loads, such
as those associated with electric vehicles. A similar use-case was considered in [7], for
flywheel systems providing load-following and smoothing services at various locations

on the distribution grid.

1.1.2 Requirements of an energy storage device

The requirements of implementing distribution-grid energy storage that is able to simul-
taneously provide frequency regulation and diurnal load-following services are numerous
and diverse. Frequency regulation has energy transfer time requirements on the order
of seconds to several minutes and is typically energy neutral on a time scale of a half-
hour [2,[3]. Energy storage devices that provide frequency regulation must have a long
cycle-lifetime, high power ratings, short response times, and fast ramp rates. To un-
derstand how extreme the cycle-lifetime requirements are, consider data published by
Beacon Power which indicates that their frequency regulation facility in New York ex-
periences 2500 - 5000 charge cycles per year [§]. Finally, because frequency regulation
is power-intensive, the energy storage device must have a reasonable cost per installed
kW.

Diurnal load following services have energy transfer times on the order of several
hours and are energy neutral over a period of 24 hours [7]. This means that energy
storage devices must have a low self-discharge rate so that a meaningful amount of
energy can be stored for a 24 hour period. Furthermore, load-following services are

energy-intensive, which requires storage devices to have both a reasonable energy density



and cost per kWh stored.

Suitable distribution-grid energy storage must have a modular form factor so that
it is easily installed regardless of geographic location or population density and easily
scalable based on the local grid requirements. Since it will be installed in small quantities
that are staggered throughout the grid, it must be low maintenance.

In summary, the key requirements of an energy storage device for this application
are: long cycle-lifetime, low self-discharge rate, modular form factor, and reasonable

cost and size per kW as well as per kWh.

1.1.3 Overview of energy storage technologies

Storage technologies that are typically considered for grid applications include pumped
hydro, compressed air, thermal, ultracapacitors, chemical batteries, and flywheel tech-
nology. Many published studies have evaluated these different storage technologies for
use on grid. For example, [2H6,9,10] which suggest that conventional storage technology

is inadequate to meet the needs summarized in Section [LT.2}

e Pumped hydro and compressed air: these technologies have been economically

developed in large, centralized installations where they achieve round-trip effi-
ciencies on the order of 60-80%, but are limited by geographic restrictions and

environmental concerns.

e Small scale compressed air and thermal: these technologies suffer from low round-

trip efficiencies.

e Ultracapacitors: this technology is regarded as having a cost per kWh that is too

high and an energy density that is too low for the bulk storage required for diurnal

load following.

e Various types of chemical batteries: these technologies are generally regarded

favorably for diurnal storage applications, but contain hazardous chemicals and
suffer from low cycle-lifetimes which limit their use for frequency regulation. Ta-
ble [[LT] shows a comparison of several different chemical batteries. Alternative
technologies, such as sodium-sulfur and flow batteries, have much longer cycle-

lifetimes, but require large installations, making them non-modular and therefore



Table 1.1: Typical chemical battery properties [10]

Lead-acid Li-TIon NiMH
Capital cost / kWh $35 - $350 || $215 - $1070 || $285 - $1425
Round-trip efficiency? 56.5 - 76.5% || 76.5-81% || 58.5 - 67.5%
Lifetime cycles 200 - 1500 ~3000 1500 - 2000
Energy density (kWh/m?’) 60 - 130 150 - 400 80 - 300
Specific energy (Wh/kg) 25 - 35 60 - 180 50 - 100

?Assumes a power-electronic interface efficiency of 95% and does not take into account loss of effi-
ciency due to climate control.

not well-suited for distribution grid applications.

e Flywheels: this technology has been commercialized for providing frequency reg-
ulation due to its long cycle-lifetime, modularity, high power density, and lack of
environmentally hazardous chemicals. A 2004 study concluded that flywheels are
the most economical form of energy storage for storage-intervals under 10 min-
utes [2]. However, this technology suffers from high self-discharge losses, resulting
in low round-trip efficiencies for the longer storage intervals required by diurnal

load following; this technology is further described in Section

1.2 Flywheel systems

1.2.1 Overview of conventional flywheel systems

Flywheel systems store mechanical energy in a rotating flywheel. An example of a
conventional flywheel energy storage module is shown in Fig. [Tl The flywheel is con-

)

nected to a motor/generator which “charges,” or converts electrical energy into mechan-
ical energy, by increasing the flywheel’s rotational speed; and “discharges,” or converts
mechanical energy into electrical energy, by slowing the flywheel down, similar to re-
generative braking in an electric vehicle. The motor is usually permanent magnet, but
sometimes synchronous reluctance, switched reluctance, or induction motors are used.
Depending on the design, these modules may use a cylindrical steel, fiber glass, or car-

bon composite flywheel. The flywheel is typically located in a vacuum chamber to lower
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Figure 1.1: Typical flywheel system design

wind-resistance losses and suspended via active magnetic bearings to reduce drag and
reliability concerns. To achieve optimal energy density and form factor, high rotational
speeds are typically required (10 kRPM — 100 kRPM). For high-speed units, a contain-
ment structure is required to prevent flywheel shards from escaping the module and

causing damage or harm in the event of a flywheel failure.

1.2.2 Flywheel materials

Most flywheels can be approximated as a hollow cylinder, as drawn in Fig. The

amount of stored kinetic energy of a rotating flywheel is calculated by:

1
E = 51&

1 4 r2
= 1M <1 + r2m >

out

4
m T
= ZLIO’UEip <T§ut - T21n > (11)

out

where [ is the flywheel’s moment of inertia, w is the angular rotational speed, m is
the flywheel mass, p is the flywheel material mass density, and vy, = wroy is the
linear surface speed of the material at the flywheel’s outer-radius. Flywheel materials
can be viewed as having a maximum surface speed, beyond which the material will
breakdown. This maximum surface speed is a function of the material’s tensile strength

and mass density. There is a trade-off in material selection between the mass density



Figure 1.2: Example flywheel

Table 1.2: Comparison of flywheel materials

plkg/m®) || vip(m/s) | kWh/m® | Wh/kg

Carbon Fiber 1600 700 - 940 54 - 98 34 - 61

Fiber Glass 1600 500 - 600 28 - 40 17 - 25
Steel 7800 200 - 300 22 - 49 3-6

and maximum surface speed, where materials with larger v, typically have smaller
values for p. Since ([I]) shows that the amount of energy stored increases quadratically
with maximum surface speed and only linearly with mass, lighter and stronger flywheel
materials lead to more energy-dense designs.

Equation (LI can be re-written to approximate the theoretical maximum specific
energy and energy density for a given material:

2

E vy 2 2

e 41p, when r{, << g, (1.2)
E  pvf

v Zp, when i << rd . (1.3)

These values are calculated in Table for typical flywheel materials, where vy, rep-
resents the maximum surface speed that can be safely used. Carbon fiber leads to the
most energy dense designs with steel and fiber glass overlapping as a distant second.
In terms of specific energy (energy per unit mass), which has important implications
for the axial bearing design, carbon fiber is also clearly at a significant advantage. In
comparing Table [Tl and Table [[.2] it is seen that carbon fiber flywheel designs have
lower energy density than battery designs but outperform lead acid batteries in specific
energy.

To appreciate the impact of p, vip, and rotational speed on the flywheel’s form

factor, example flywheel dimensions are calculated in Table [[.3] for maximum rotational



Table 1.3: Example flywheel dimensions

6 kRPM* 36 kRPM
Mass  Volume L Tout L Tout
Carbon Fiber || 163kg 0.10 m® | 0.0lm 1.5m | 0.52m 0.25m
Fiber Glass 400kg  0.25m? | 0.09m 1.0m | 3.1lm 0.16m
Steel 1600kg 0.21 m? | 0.29m 0.5m | 10.3m  0.08m

“Dimensions required to store 10 kWh of energy with i, = 0. All calculations are made using the
largest tip speed in the range provided in Table To obtain the maximum energy density, the outer
radius of the flywheel is fixed at the maximum allowable value using rout = vtip/w.

speeds of 6 kKRPM and 36 kRPM. From this table it is evident that higher speeds result
in reasonable form factors for carbon fiber flywheels, while lower speed designs are more
reasonable for steel flywheels.

Finally, it should be noted that typical designs only operate over half of their speed
range and are therefore only able to extract 75% of the energy stored. This is done to
ease requirements on the motor design. It is typically desired for the flywheel module
to maintain a constant power over its entire speed range and the output power of the

motor is given by

P=uwr (1.4)

where 7 is motor’s output torque. To maintain a constant power, torque must vary

inversely to w, which requires unrealistic values as the rotational speed approaches zero.

1.2.3 Commercial products

Flywheel energy storage is a mature technology for applications which require short
storage intervals, long cycle-life, fast response times, high power, and low energy stored.
Examples include providing regulation on the power grid; providing/absorbing peak
power needed for acceleration in more-electric vehicles, such as trains and sea-port
gantry cranes; providing ride-through power in uninterruptible power supplies (UPS)
between the occurrence of a disruption on the AC mains and when a backup generator
powers up [BL8O,TTHIS]. Several companies which either have commercialized or are in

the process of commercializing products based on flywheels are listed below.
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e Beacon Power LLC has constructed two flywheel facilities to provide large-scale

frequency regulation services on the order of 20 MW through flywheel modules
connected in an array [12]. The modules use a carbon-fiber flywheel operating at
up to 16,000 RPM, weigh 1130 kg, utilize a 100 kW permanent magnet motor,
store 25 kWh, and have a typical round-trip efficiency of 84% for the short storage

intervals required by frequency regulation.

e PowerThru (formerly Pentadyne Power Corporation) and Active Power, Inc. have

developed UPS systems that utilize flywheel energy storage. PowerThru’s design
utilizes a 190 kW, 4-pole synchronous reluctance motor/generator operating at
52,000 RPM and a carbon composite flywheel that stores approximately 750 Wh.
Each unit weighs approximately 590 kg and has a volume of 960 liters. The self-
discharge losses are 250 W, which means that a unit will dissipate its stored energy

after idling for only a few hours [13].

e VYCON, Inc. has commercialized flywheel energy storage units for use in sea
port cranes. Their modules operate inside a vacuum chamber and utilize a 150
kW permanent magnet motor with a maximum speed of 36,000 RPM, a steel
flywheel that stores 1.27 kWh, active magnetic bearings, and weigh 320 kg [14].

The required energy storage time is on the order of minutes.

e Rotonix USA, Inc. has commercialized flywheel devices for several different ap-

plications. Their modules have a 1.1MW power rating, use a carbon compoite
flywheel that stores 12 kWh, have self-discharge losses of 500 W, weigh 2700 kg,
and use magnetic bearings [16]. Unlike other companies, this flywheel system uses
an outer-rotor motor design to increase the energy density, but no information is
available on the type of motor used. At this self-discharge rate, the flywheel will

dissipate its stored energy over the course of one day.

e Amber Kinetics, Inc. focuses on low-cost flywheel products for custom applica-

tions, which have included power smoothing and uninterruptible power supplies.
They have ongoing projects with the Blue Planet Research in Hawaii and San
Diego Gas and Electric in California. Their systems use steel flywheels but no

other design information is available [17].



1.2.4 Problems with current technology

Flywheel technology has already been shown to be feasible for providing frequency
regulation, but is currently not usable for providing diurnal load following services due
to its high self-discharge rate while idling, with the best flywheel designs completely
self-discharging over a period of one day. Secondary concerns with flywheel modules are
the overall cost and manufacturing complexity.

The sources of self-discharge losses include bearing loss, frictional windage loss due
to the high rotational speed, and magnetic losses associated with the motor and, in some
designs, magnetic bearings. Bearing losses can be minimized through use of magnetic
bearings with optimized magnetic circuit design to minimize flux variability [I8] or by
implementing high-temperature superconducting bearings [19] at the expense of cost
and complexity. For most designs, frictional windage losses can be reduced to nearly
negligible levels by using a vacuum of less than 1 mTorr [20]. Magnetic losses associated
with the motor remain a key concern and are one of the primary areas the proposed
use of the ac homopolar motor addresses. Motors that use permanent magnets will
inherently have losses while they are freewheeling due to hysteresis and induced eddy
currents from the rotating magnetic fields. Traditional machines without permanent

magnets have other complications:

e Induction and switched reluctance motors have increased rotor heating which lim-
its the energy transfer time of the flywheel module before the motor/generator
must idle to prevent overheating, a consequence of the rotor being levitated on
magnetic bearings and operating in a vacuum where the only mechanism for heat

exchange is radiation.

e Wound-rotor and doubly-fed motors require brushes that are not usable for high-

speed operation.

e Synchronous reluctance motors require a high L;/L, ratio which leads to a rotor

structure that is not mechanically robust for high-speed operation.
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1.2.5 Relevant flywheel research projects

There are many recent and ongoing research projects in flywheel technology, for example:
[19H45]. To increase the energy density, integrating the flywheel into the motor has been
proposed to various extents [22L24/25]. The traditional topology, depicted in Fig. [[T] is
at one extreme of this spectrum, where the flywheel is mounted on a shaft at a separate
axial location from the motor. At the other extreme, designs where the motor’s rotor
is the flywheel have been considered [27] as well as designs where an outer-rotor motor
is used and the flywheel is mounted directly on the motor’s rotor, as described later in
Fig. [3al

Efforts to reduce self-discharge losses have taken several different approaches. Projects
focused on improving permanent magnet motors have included investigations into Hal-
bach configurations and core-less stators [35,[37], which resulted in reduced power and
energy density, as well as an investigation into a design with a removable stator that was
retracted from the rotor during idling times [42], which has the negative consequences
of reducing the system’s energy density, increasing the response time, and increasing
the overall system cost and complexity. Other efforts have focused on magnetic bearing
losses and have looked at optimizing active and hybrid magnetic bearings [38/[39] as well
as using superconducting bearings [19121],25].

There are numerous examples of recent investigations into the use of bearingless mo-
tors for flywheel energy storage, including [30,/43H45]. Bearingless designs combine the
functionality of magnetic bearing and a motor into a single device and as such are theo-
retically able to reduce the overall flywheel system size, amount of raw materials needed,
and the manufacturing complexity. All types of traditional motors can be redesigned as
bearingless motors with varying consequences to the overall machine performance. One
significant drawback of conventional bearingless motors is that they utilize a separate
set of windings to produce magnetic bearing forces which must share the same slot
space as the torque windings. This creates a trade-off between the magnetic bearing

and motor capabilities and is an issue that is explored in this dissertation.
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Steel stator shaft
Rotor laminations

Outer-rotor bearingless
ac homopolar motor

Steel rotor sleeve

Stationary
field winding
Containment and
vacuum housing Magnetizing

flux path

Composite flywheel
Stator laminations

(a) Proposed flywheel system design (b) Bearingless ac homopolar motor
Figure 1.3: Proposed flywheel system design

1.3 Proposed flywheel system

This dissertation proposes the flywheel module topology depicted in Fig. [L3l The
proposed design has the following key features:

e AC homopolar motor to eliminate motor losses while idling. The ac homopolar

motor is completely stator-side current excited. This means that during times of
idling, the magnetization can be removed by turning all current off, and therefore
self-discharge losses from the motor can be eliminated. The ac homopolar motor
avoids the previously mentioned pitfalls of traditional motors which either suffer
from rotor loss, the required use of brushes, or non-robust rotor structure. Fur-
thermore, because the machine uses current excitation, the excitation level can be
varied based on the flywheel system’s current rotational speed to reduce losses in

the power electronic motor drive during times of energy transfer.

e Integrated design topology to increase the energy and power density of the flywheel

system. The motor is implemented in an outer-rotor fashion where the rotor forms
the inner backing for a carbon composite flywheel. Since, as is shown by (L),
most of the flywheel’s energy is stored near the flywheel’s outer-radius, hollowing
the flywheel out does not result in a sizable reduction in the amount of energy
stored; instead, this dramatically increases the flywheel system’s overall energy

density as the flywheel and the motor are now able to occupy the same volume.
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e Bearingless motor to reduce the system size, cost, and manufacturing complexity.

By using a bearingless version of the ac homopolar motor, the need for separate
radial magnetic bearings is eliminated. This reduces the amount of raw materials
required and, because active magnetic bearings are complex electromechanical
devices with their own stator windings, reduces the required manufacturing effort.
Note that an axial thrust bearing is still required to support the flywheel’s weight.
However, this can be implemented with a very simple permanent magnet passive

bearing design.

1.4 Research contributions

The results of this project have resulted in the following papers either published or

submitted for publication: [46H55]. The individual contributions can be summarized as:

e exploring the application of bearingless ac homopolar machines to flywheel energy

storage;

e developing magnetic eqivalent circuit (MEC) models of the ac homopolar machine
that are suitable for use in the design process; these models can be solved in a
fraction of a second as opposed to transient 3D finite element models which have

a solve time on the order of days;

e developing a design procedure and constraints for dual purpose no voltage (DPNV)
windings; these windings allows the same stator coils to be used for both radial
force and torque production and thereby increase the machine’s torque density;
the results of this contribution as well as the next item apply generally to all types

of radial flux bearingless machines;

e proposing and evaluating different power-electronic drive implementations for DPNV

windings;

e designing a prototype bearingless ac homopolar motor and presenting experimen-
tal validation of the above contributions; because relatively little literature exists
on the bearingless ac homopolar machine, the publication of experimental data is

particularly valuable to the bearingless machines community.
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Dissertation outline

Chapter 2l introduces the bearingless ac homopolar machine and derives its oper-

ating principles from a drives perspective.

Chapter Bl explores the application of the ac homopolar machine for flywheel en-
ergy storage. A macroscopic design sizing approach is investigated and compared

against results from 3D FEA.

Chapter M develops and validates a MEC of the ac homopolar machine that is

suitable for design optimization.

Chapter Bl presents the rigid body rotor model for the suspension of the bearingless
ac homopolar machine and investigates the impact of variable excitation on the

model.

Chapter [6] derives the necessary conditions to realize DPNV windings, proposes
a design procedure, and explores several example bearingless motor designs using
DPNV windings.

Chapter [1l proposes and evaluates implementations of power-electronic drives for

DPNV-wound motors.

Chapter [Bldescribes the prototype design of the bearingless ac homopolar machine,
including the power electronic drive and controllers, and presents experimental

results.

Chapter [ presents the dissertation conclusions and proposes future work.



Chapter 2

Model of the Bearingless AC

Homopolar Motor

This chapter investigates the bearingless ac homopolar motor from a drives perspective.
Idealized machine quantities are assumed, such as sinusoidally distributed windings and
infinite iron permeability. The point of the chapter is to describe how the motor and
magnetic bearing functionality work and derive simple inductances matrices as well as
torque and force expressions that will be used later when developing a drive for the
machine. Note that while the overall goal of the dissertation is to develop an outer-
rotor bearingless motor for flywheel energy storage, in this chapter (as well as in several
other chapters) an inner-rotor motor is considered. Since the same results and theory
apply to both the inner- and outer-rotor variants, this is done to be consistent with the

hardware prototype that was developed (described in Chapter [SD

2.1 Introduction

Classical bearingless motors require that a suspension winding produce a revolving p+2-
pole flux density to disrupt the otherwise symmetric, revolving p-pole magnetic field in
the motor’s airgap [56,/57]. This requires high-bandwidth angular-position sensors and

an ac suspension current to produce a constant force. Alternatively, the bearingless

1 Portions of the material in this chapter have also been published in [52] and submitted for publi-
cation in [4§].

14
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consequent-pole motor has been developed which utilizes a 2-pole suspension winding
with a dc current to produce a constant radial force for a p > 8-pole motor [506,58].
However, this motor has permanent magnets on its rotor, making it not applicable
to superconducting applications; less desirable for variable-speed applications, such as
flywheel energy storage, where a controllable excitation is desired; and difficult to im-
plement in high-speed applications where securing the magnets to the rotor becomes a
challenge. For such applications, the bearingless ac homopolar motor is best suited.

Like the bearingless consequent-pole motor, a p > 8-pole bearingless ac homopolar
motor is able to produce a constant radial suspension force with a dc current. Un-
like the consequent-pole motor, the homopolar motor is magnetized through a dc field
winding secured to the stator, allowing for variable excitation. Since the field wind-
ing is stationary, no brushes are required and, in the case of a superconducting coil,
coolant does not need to be pumped into the rotor. The rotor’s structure is therefore
very simple and conducive to high-speed operation. One important drawback of the
ac homopolar motor is that its theoretical torque density is roughly one-half that of a
classical synchronous motor. The motor’s torque density can be somewhat improved
in the case of a superconducting machine where the field winding is able to provide
a very large excitation [59]. It is shown in Chapter Bl that when losses are normalized
when comparing this machine to other synchronous machines, the discrepancy in torque
density disappears.

There have been several papers considering the ac homopolar motor, but little lit-
erature on the bearingless ac homopolar motor [56,/60-H62]. The ac homopolar motor
has attracted recent attention as a high speed machine, a superconducting machine,
an alternator operated with a rectifier for capacitor charge power supplies, and in the
dissertation’s application of flywheel energy storage [27,[51,/63H69]. In flywheel energy
storage, the ac homopolar machine has been considered in both outer and inner rotor
configurations [27/5169] with varying degrees of rotor/flyweel integration. It was shown
in [27] that a solid steel rotor can be used, which in this case also served as the flywheel,
while still achieving acceptable losses. As a bearingless motor, existing literature has
focused on the suspension force capability [56L60H62], neglecting the complete bearing-
less machine model and only considering a single rotor geometry. In [62], it was shown

that acceptable suspension performance can be achieved for 6-pole configurations via
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Table 2.1: Chapter nomenclature

Bji; Bju

Fj
F,, Fy
gis Gu

9max; Ymin

Flux density produced by winding phase-j in the lower (1) and
upper (u) airgap.

MMF waveform of winding phase-j.

Force acting on the rotor in x and y direction.

Lower and upper airgap length profile.

Maximum and minimum length of airgap.

Axial length of one rotor segment.

Conductor turn density of winding phase-j.

Number of turns in the field winding.

Number of turns in a torque winding phase.

Number of turns in a suspension winding phase.

Number of poles.

Mean airgap radius in minimum airgap region.

Angle of winding phase-j axis: d, = 0, & = %’T, 0, = =5
0, =0, and o, = 7.

Flux produced by winding phase-k that links winding phase-j.
Angle measured from the rotor’s direct axis.

Angle measured from phase a-axis.

Angle between the rotor’s direct axis and phase a-axis.

Torque produced on the rotor.

creative winding design, which enables lower electrical frequencies at high rotational

speeds than the conventionally used 8-pole configuration.

In this chapter: the complete bearingless motor model is developed. Motor/generator

operation is first considered, three choices of suspension winding configurations are then

presented, suspension force expressions are developed, and finally it is shown that certain

configurations of suspension windings can be used to magnetize the machine. Nomen-

clature used throughout the chapter is defined in Table 2.1
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2.2 Description of bearingless ac homopolar motor

A 3D sketch of the ac homopolar motor is shown in Fig. Z.Tal where it can be seen that
the rotor consists of two sections of salient iron poles connected by a shaft. The iron
poles are rotated 180° electrically from each other. The iron may be shaped to alter
the airgap profile and therefore the magnetic flux density distribution produced by the
field winding. The two most common airgap profiles are considered in this chapter:

sinusoidal and square. The stator consists of a back-iron and three sets of windings:

1) Field Winding: dc winding that encircles the rotor but is fixed to the stator and
used to magnetize the machine. The magnetizing flux path, depicted in Fig. 2.Tal,

is both axial and radial.

2) Torque Winding: 3-phase winding that spans the full axial length of the motor.

This is the standard > 2-pole winding found in synchronous machines.

3) Suspension Winding: set of 2-phase, 2-pole windings that are responsible for pro-
ducing the radial suspension forces. This winding set shares the same slots as the
torque winding but extends in the axial direction only the length of one of the rotor
segments. A separate suspension winding extends along the other rotor segment

allowing for conical tilting to be corrected in addition to radial displacement.

2.2.1 Torque production

Both reluctance and alignment torque can be present in the ac homopolar motor. How-
ever, it will be shown in section 23] that it is possible to design the motor to lack either
type of torque. The radial cross-section shown in Fig. 2.1bl can be used to understand
the alignment torque. By looking down the rotor axially, the iron magnetized as north
poles on one end will appear beside magnetized south poles from the other end. As the
rotor spins, the torque winding, which spans the full axial length of the rotor, will see

alternating north and south poles.

2.2.2 Suspension force production

Radial suspension force production can be understood by again considering a radial

cross-section. Referring to Fig. 2.1d this time only looking at one of the rotor sections,
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Magnetizing flux path

Rotor laminations
%t.at r laminations
1eld winding

Figure 2.1: Bearingless ac homopolar motor: (a) full motor with square airgap profile,
(b) magnetized cross-section depicting the notation for angles and phase axes, (c¢) cross-
section depicting flux paths for suspension windings given a positive terminal current;
blue lines correspond to the x-phase winding, brown lines correspond to the y-phase
winding, and the black lines are the magnetization flux.
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the flux path of the 2-phase, 2-pole suspension winding can be seen. Note that most
of the flux will cross the airgap where an iron pole is present. The superposition of
this flux onto the magnetizing flux leads to a radial force and when an ac homopolar
motor has eight or more poles this force is independent of the rotor’s angular position.
This means that the radial forces can be controlled with a dc current—a key feature of
the ac homopolar motor and something that conventional bearingless motors do not

possess [56].

2.3 Analysis of torque production

The analytical model of the ac homopolar motor is now developed for two different rotor
types. For each type, an inductance matrix and torque expression is derived. In this
section, the machine is studied purely as a motor/generator; analysis of torque due to
the suspension windings is deferred to section 271 The methodology presented in [70,[71]
is followed. As will be shown, the terminal characteristics of the ac homopolar motor
are the same as that of a synchronous generator.

An ideal, sinusoidally-distributed, 3-phase torque winding is assumed with the fol-

lowing conductor density for each phase (substitute j for the phase of interest — a, b, or

c):

n(0w) = s (Don - 5)

It is assumed that the iron of the machine has infinite permeability, flux only crosses
the airgap radially, and the flux density does not vary in the radial direction within
the airgap. Under these assumptions, it can be shown that the MMF generated by the

sinusoidally distributed torque windings is the same as a classical radial flux machine:
N, .
Fj (¢ss) = ?s COS <g¢ss - 6]) 5 (2.1)

The MMF generated by the field winding acts upon the top and bottom airgaps in

opposite directions and is uniform along the circumference of the airgaps:

Nyi
Fru = =57 (2.2)

]:fJ = _]:f,u (2.3)
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The airgap length profile for each type of rotor is given by the functions g, (¢,s) and
g1 (¢rs) for the upper and lower airgap segments respectively, as defined in sections 2.3.1]
and Referring to Fig. 21Dl it can be seen that ¢, = ¢ss — Ons. Using this
relation, the flux densities can be expressed in terms of ¢4s and 6,5 for j = a, b, ¢, or
f:

IUOJ:j (¢ss)
Gu (¢ss - Hms)
/LOJ:j (gbss)
g1 (Cbss - ems)

The flux produced by the phase-j winding that links a single-turn torque winding coil,

Bj,u (gbssa ems) =

Bj,l (gbssa Hms)

which spans 180° electrical and is centered at angle ¢, is given by (j = a, b, or ¢):

bsst 3
(I)j (¢8579m5) = /d> Bj,u (&@ns)rldf

™
ssT o
P

Fss+7
+ / By (€, 0ms) rlde
o}

_m
ssT o
p

Fss+7 ]:j (5)

Here, ¢’ (¢rs) can be interpreted as an effective airgap, given by (2.4). This idea of
an effective airgap allows for easy comparison of the ac homopolar motor to classical

machines and will be explored more later.

/ Ju (¢rs) 2l (¢T8)
g ¢r8 = 2.4
( ) Ju (¢r8) +a (¢7’5) ( )
The winding flux linkages can now be calculated. For the torque windings:
P (5j+%)% x
)‘j,k (97718) = 5 ) nj(¢ss + 5) by (¢ss; Hms) doss (25)
(6;-5)2
For the field winding;:
2m
)\f,j (ems) = Nf o Bj,u (¢337 ems) rl d¢ss
2

/\fvf (ems) = Nf 0 Bf,u (¢ssaems)rl doss
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When the airgap functions g, (¢s) and g; (¢,s) are defined, the inductance matrix can
be constructed. For the cases considered in this chapter, the inductance matrix takes

the following form:

Aa Loo Lap Lae Lag| |ia
b _ Loy Ly Lye Lpg| )ip (2.6)
Ac Loe Lpe Lee Ley| |ic
A | Loy Lvyg Les Lpg| |if

for the phase windings, where j and k = a, b, or c:

Lj; = Lis+ Lo+ Lgcos (phps + ;)
1
Ly = —§L0 + Ly cos (pOs — 85 — Of)

for the inductance terms involving the field winding, where j = a, b, or c:

Lj’f = Lf(]COS (g@ms—éj)
Lf,f = Llf+Lf

Here, Ly, Lo, Lo, and Ly depend on the rotor shape and will be calculated later; L;s and
L;; are leakage inductance terms and are not practical to calculate in this derivation.

To remove the dependence on rotor position and thereby simplify the equations, the
system can be cast into an equivalent d-g form. The transformation as presented in [72]
is used with the d-winding axis aligned with the rotor as shown in Fig. 2.1b] and the
d and ¢ windings each having \/gNS turns. Following the procedure outlined in [71],
([26) can be partitioned as:

{/\abc} = [Labc] {iabc} + [me] Z'f (27)
Afo= [me]T {iabe} + Lyyiy (2.8)

which can then be transformed into

Mg} = [T)[Lave) (T] {iaq} + [T) [Lung] ig
Af [Ling] " (1) {iaq} + Ly, rig
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using the following transformation matrix (6,, = g@ms):
cos 0,y cos (9m — 2—) cos (Hm + 2—)

—sin, —sin (0 —Z) —sin (0, + %)
1 1 1

wino

The resulting system is shown below. Note that the zero-sequence terms have been
discarded.

where:

3
Ly = L+ 3 (Lo + Ly)

3
Lq = L+ §(LO_Lg)

/ _ 3
mf \/;Lf()
This gives the following torque expression:

S g()\diq—/\qid) (2.9)

p. . .
= 5l ([La — Lglia+ Ly, iy)

- giq <3ng’d + \@Lfo z'f> (2.10)

The first term in ([Z.I0) corresponds to reluctance torque and can be derived by consid-
ering a classical machine with an effective airgap as defined by (2.4]). The second term
corresponds to alignment torque and does not fit into the effective airgap paradigm.
Therefore the torque production of the ac homopolar motor can be viewed as the su-
perposition of two torque producing motors: a synchronous reluctance motor and a
cylindrical synchronous motor.

The torque expressions developed for each rotor structure can be compared against

torque expressions derived in textbooks such as [70] for synchronous reluctance and
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gmax

gnlin
0 0.5m 7T
bra [rac]

(a) (b)

Figure 2.2: Sinusoidal airgap: (a) Cross-section, (b) Profile; p = 8-poles.

wound-rotor synchronous generators. Because the axial length [ in torque expressions
derived here refers to the axial length of only one of the two rotor segments, it can be
shown that the ac homopolar motor has a torque density of approximately one-half that

of a classical machine.

2.3.1 Sinusoidal airgap profile

The case of a sinusoidal airgap profile is depicted in Fig. The upper and lower

airgap profiles are defined as:

1
u \Prs = 2.11
Gu (9rs) hi + hs cos (gqﬁm) (2.11)
1
] = 2.12
9 (rs) h1 + ho cos (§¢rs + 77) ( )
where:
1 Jmax + Jmin
hiy = = <7> 2.13
2 9max 9min ( )
1 Jmax — gmin)
hy = —|>——/—mm— 2.14
? 2 ( 9max Ymin ( )

The effective airgap ¢’ (¢s) used to calculate the phase inductances is found to be
uniform along the rotor circumference — implying that no saliency, and therefore no
reluctance torque, is present for the case of a sinusoidal airgap.

/ 9max Ymin
(pg) = —Tmax Jmin 2.15
g ( TS) Jmax + Jmin ( )



24

Ju /!]max
" v
Imin
a !
0 0.5m 7T
¢rs [rad]
(a) (b)

Figure 2.3: Square airgap: (a) Cross-section, (b) Profile; v = %a, p = 8-poles, a = 7.

Q

0 0.5m m

¢rs [rad]
(a) (b)
Figure 2.4: Effective airgap: (a) Cross-section, (b) Profile; v = %|a — 7|, p = 8poles,

o = 1.5m.

The inductance matrix confirms the non-saliency, as the phase winding inductances

remain constant with respect to the rotor position (Lg = 0):

Ny \?
LO = 27T/L0h17‘l <—>

p
L, = 0

N
Lfo = ﬁﬂohngNf?s

Ly = WuohlrlNJ%
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2.3.2 Square airgap profile

The case of a square airgap profile is depicted in Fig. 23] and is specified in terms of a

variable duty-cycle square wave:

1

hi + ha SQq (5érs)
1

hi + haSQq (Bérs + )

where h; is defined by (2.I3) and he by (2.14). SQ, (f) can be expressed as a Fourier

series:

Gu (Prs)

(2.16)

g (¢7’5)

(2.17)

[e.e]

SQB(H)zl—é—ézlsin% cos (n + n)

s s n
n=1

The effective airgap defined in (2:4]) to calculate the phase inductances is given

below:
1

g1+ g2 SQ2|a—7r\ (p¢rs)

where g1 and go depend on the value of a:

g/ (gbrs) = (2.18)

kg (3gmax + gmin) if a <7,
g1 =

kg (3gmin + gmax) if > .

kg (

kg (

|

and kg = (2gmax gmin)_l

The terms of the inductance matrix are evaluated as:

g (gmin — gmax) if <m,

g 9max — gmin) if o 2 TT.

N
Lo = 2uorl (thy + he [m — a]) ( ps>

AN
Ly = —2pgharl <?> sin «v

(01

N,
Lo = 4poharlNy ( » > sin 5

Ly = porl (mhy + ho [1 — oz])NJ%

Notice that when o = 7, (ZI8]) reduces to ([2.I5]), Ly becomes 0, and the reluctance

torque term in (ZI0) vanishes. Therefore, @« = 7 corresponds to a non-salient rotor
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(b) ()

Figure 2.5: Top and bottom suspension winding configurations on a p = 10 pole sinu-
soidal rotor: (a) config. 1, (b) config. 2, (c) config. 3.

structure. As previously suggested, to understand the effect of saliency, this motor can
be considered as the superposition of two motors: a synchronous reluctance motor with
an airgap profile given by (ZI8)) and a cylindrical wound-rotor synchronous generator.
The airgap of such a synchronous reluctance motor is shown in Fig. 2.4] for the same
Jmin and gmax as the rotor depicted in Fig. Notice that the axial length of this
equivalent motor is [, whereas the actual motor consists of two segments each with an

axial length .
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2.4 Suspension winding configurations

Unlike the torque winding, the choice of end-turn configuration of each phase of the
suspension winding has implications for the machine operation. The reason for this is
that one of the end-turn sections is located in the middle of the axial length of the
rotor, similar to the field winding, allowing for a circulating flux to flow axially from the
bottom of the rotor to the top, cross the airgap radially, and return axially from the top
of the stator to the bottom. The three choices of end-turn configuration are depicted
for a single turn in Fig. (2.5]). Note that configuration 1 corresponds to a double layer,
full-pitch winding.

2.4.1 MMF calculations

The curl and divergence of the magnetic field can be imposed to solve for the MMF
generated by a current flowing through N-turns of the suspension winding centered at
an angle ¢, and spanning the 1 rotor section (1) = u for the upper rotor section, 1) =1

for the lower rotor section):

NI rgh c) Oms

fp,h,d; (¢C7 ¢587 Hms) = 7 [% + ’Ph
+ SQﬂ' (@c - ¢ss)] (219)
NI [ghy (¢, Oms

o ) = 51 B2 1 5 (2:20)

where the subscript p indicates that the MMF is acting on the rotor section that the
suspension winding spans (specified by 1), the subscript s indicates that the MMF is
acting on the other rotor section, the subscript h denotes the style of the suspension
winding (1, 2, or 3) as labeled in Fig. 25 it is assumed that g; (¢rs) = g (¢rs + %77),

and:

¢c+377r 1

ghq/; (¢ca ems) = / dgbss

¢>C+% Gy (@bss - ems)
2T 1
av = —d EE]
g /0 gu (¢ss - ems) ¢

2w 1 d
B /0 g (@bss - ems) gbss
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—1 ifh=1, —% ifh=1,
P = 0 ifh=2, Sp=X -1 ifh=2,
—1 ifh=3. 0 if h=3.

Similar to the torque winding, the number of conductors at an angular location ¢

of phase-j of the suspension winding spanning rotor section 1, is defined by:

T japy (gbss) =

238 (¢ss _5]')

The resultant MMF produced by this phase winding is obtained from superimposing
the MMF' generated by the conductors located at each angle where N is replaced by
m (¢c + %) and I is replaced by the phase winding current ijy. Since njy (¢ss) is
a continuous function, this is done in the form of an integral. Each of the two rotor

structures considered in this chapter yield the same resultant MMF's:

(5j+%
]:p,j,h,w (@ss) = / B fp7h ¥ (¢c, gbssy ms) d¢c

9j

%
[—— + cos (¢ss — 05) | Bju (2.21)

5+Z
‘FSJJMZJ (¢ss) = /6 x fs,hﬂﬁ ((bc; ¢ss; Hms) d¢c
iT2
’Ch Nss .
T2 (222

where the subscript j indicates the phase winding, the remaining subscripts are as

defined for (2.19) and (2.20), and

0 ifh=1,
Kn=< —1 ifh=2, (2.23)
1 ifh=3.

2.4.2 Flux linkage calculations

The flux linkage calculations also vary based on the style of suspension winding config-

uration. Taking note of Fig. 25| the flux linking a single turn centered at angle ¢ for



29

each configuration is given below.

1
(pl,df (¢857 ems) = 5 [(132,1/1 ((bs& ems) + q)3,¢ ((bs& ems)]

Psst+5
(I>2,1l1 (¢8576m8) :/ . Bi/} (Saems)rl df
SS_E

$ss+2T

(I)3,1l1 (¢857 ems) = - / Bw (67 ems) rl df

bos+Z
where B, is the flux density in the airgap of the rotor section specified by 1. These
expressions can then be used to obtain the flux linkage for a phase-j suspension winding

of configuration h:

dj+%5
Ah7j7¢ (97”5) = /5 ” n]d)(¢ss + %) (I)h,w((bsm ems)d(bss (224)

2.5 Complete machine inductance matrices

The inductance matrices related to the suspension winding are now calculated for each
rotor structure to complete the inductance matrix model of the motor. These matrices
include the self inductance of the suspension winding, the mutual inductances between
the torque and suspension windings, and the mutual inductances between the field and
suspension windings. To calculate these, (2.24]) is evaluated when the magnetic field in
the airgap is produced by each of the various windings and the result is divided by the
current flowing in that winding. The system inductance matrices can be partitioned as

shown below:

{)\abc} = [Labc] {iabc} + [me] Zf + [Lmtmy,u] {Zwyu}

+ [Lintay,] {izy} (2.25)
{Aayu} = [Limtaya) " Liabe} + [Lmfoyul iy

+ [Loay,u] {toyu} + [Linay,] {izyi} (2.26)
Py} = [Lmtmy,l] {iabe} + [Lmfay) if

+ [Lsay {ioyt} + [Lmayu] {iayu} (2.27)

/\f = [me]T {iabe } + [me:cy,u]T {Zmyu}
+ [Lnfayd) " {iaya} + Lygis (2.28)



30
where [Lapc], [Lmy], and Ly ¢ were previously calculated in ([2.8]). For the two rotor

structures considered in this chapter the remaining matrices take the following general

forms:
La’w’d} Layva
Lmtryw) = | Loaw Loy
LC,{E,@Z} LC#M/’
Lj ko = Knyy Lis g 08 (50ms — 05)
K
[Lonfayaw] = Log | °
Ky,

1+ ]C}%M) Ichzwlchyw

[Lsmy,1/1] = Lss 9
IChWIChw 1+ ’Chw

,Chzulchacl ,Chzulchyl
]Chyu ]Chzl ]Chyu ]Chyl_

[mey,l] = [Lm:cy,u]T

[mey,u] — —Ligs

where Ky, is defined by ([2.23]) and hyy, is the suspension winding configuration of phase
k spanning rotor section .

In certain situations it is desirable to have two different end-turn configurations for
the same suspension phase. For example, if the upper z-phase and y-phase windings each
consisted of two separate windings with different configurations and the corresponding
terminal currents i,y1, tyul, izu2, tyu2, the following mutual inductance matrix must be
defined:

{)\xy,ul} =..+ [Ls:cy,hu,IQ] {ixy,u2}
14+ Ky Ky, Kn IChyuQ
]Chyullchmﬂ 1 + KhyullchyuQ

rul Tu2 zul

[Lsxy,hu,m] = Lss

[Lsxy,hu,ﬂ] = [Lsxy,hu,m]T
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2.5.1 Sinusoidal airgap profile

For the sinusoidally-shaped rotor airgap profile previously defined in (2.11]), the induc-

tance constants become:

N N,
Lisw = —7T/L0h27"l—s =5
p 2
Lts,l = _Lts,u
N¢ N,
Lgf, = 27T,u0h1rl7f 288
Lsf,l = _Lsf,u
N 2
Lss = 71',uoh17“l ( 28S>

2.5.2 Square airgap profile

For the square-shaped rotor airgap profile previously defined in (2.16), the inductance

constants become:

N N,
Lisu = —4pohorl——2gin 5
9 p 2

Lts,l = Lts,u

N
Lsfu 2#0Tl7f—(ﬂh1+h2 [71'—0[])
Lsf,l = _Lsfu

N 2
Lss = /Lo’r'l ( 288> (7Th1 + h2 [71' — OZ])

2.6 Analysis of suspension force production

Expressions for suspension forces produced by the bearingless ac homopolar motor are
now developed for the two rotor structures and three suspension winding configurations.

Radial forces acting upon the rotor can be calculated from the Maxwell Stress Tensor:
2T 1 2
Fmﬂﬁ = / —Bg,w ((bss) lr cos ¢pss dopss (2.29)
0o 2po

27 1 )
Fva = / 2—Bg,w (¢88)2 Irsin (bss d¢ss (230)
0 20]
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where By y (¢ss) is the net or resultant flux density in the airgap of the v rotor section.
For both airgap profiles considered, it is found that as long as the bearingless ac
homopolar motor has p > 8-poles, 0,,s does not appear in the resulting suspension force
expressions, meaning that the suspension forces are independent of the rotor’s angular
position. When that is not the case, the bearingless ac homopolar motor lacks one of
its primary features and therefore becomes difficult to justify as a bearingless motor.
For this reason force expressions are only evaluated for the p > 8 case.
Evaluating (2:29]) and (2.30) when the rotor is centered gives the following form for

the force expressions:

Fiu= (ks [%Zf + %C’(ixwl)} + kg id) iku (2.31)

B = = (ko | Fiy + 52C (i) | + kaia) in (2.32)

C (ixy,ul) - Ichzlixl + K:hyliyl - Ichzuzxu - K:hyuiyu

where the subscript k indicates the direction of the force as well as the phase of the
suspension winding, the constants ks and k4 are dependent upon the rotor structure,
K, is defined by ([2.23)), and additional terms can be added to C (iyy ) if a phase of
a suspension winding contains multiple configurations. It should be noted that if all

suspension windings are of configuration 1, then C (z’my,ul) =0.

2.6.1 Sinusoidal airgap profile

For the sinusoidally shaped rotor structure defined by (2.1I1]) and ([212), the force con-
stants become:
N,
ks = mpo—>rl (b + 3h3)

Ng N,
kd = \/gﬂ'uo—s ss?‘lhlhg
p 2
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2.6.2 Square airgap profile

For the square rotor structure defined by ([2.16]) and (2I7), the force constants become:

NSS
ks = o—yri [ (h? + h3) + 2hiho (7 — a)]

NS NSS .
k:d:2\/6,u0? 5 rlhihs sin 5

2.7 Analysis of interference torque

Here, the analysis of section 2.3]is extended to include the effects of current in the sus-
pension winding on the machine’s torque. Analogous to section revealing that the
torque windings contribute to the suspension forces, this section shows that the suspen-
sion windings interfere with torque production. In most cases, this is not desirable, as
any transients in the suspension winding current would then need to be compensated
for by the torque controller. However in certain cases, such as when the rotor is hor-
izontally oriented, a constant force may be desired and hence the torque interference
from the suspension winding can be designed such that it is desirable.

Transforming the torque windings into the d-q representation described in section

23 results in the following expressions for d and ¢ flux linkages:
Ad . Ly 0O iq + :fs,mu L{ts,yu lou
Aq 0 Lg| 14 0 0 yu
+ L:ts,xl L;s,yl ixl +
0 0 Tyl

where Lj hy = V3 /2 Ky Lits- Using ([2.9), an additional torque term appears in ([2.10):

p. ’ . ’ . ’ . r
T = 5111 [ ts,zulzu + Lts,yulyu + Lts,mlzwl + Lts,ylzyl]

It is important to note here that since Xy = 0, suspension winding configuration 1 will

result in no interference torque.



Chapter 3

Outer-Rotor AC Homopolar
Motors for Flywheel Energy
Storage

This chapter investigates the bearingless ac homopolar machine as a motor (no bear-
ingless capability) for use in flywheel energy storage as an alternative to the permenant
magnet (PM) motor. The primary objectives of using the ac homopolar motor is to
decrease the flywheel system’s idling losses, increase energy density, and decrease cost.
Motor sizing equations, a comparison to the typically-used permanent magnet motor,
and 3D finite element analysis of an example design are presented. It is shown that for
high-performance flywheel designs, the ac homopolar motor can have a torque density

comparable to that of a permanent magnet motor

3.1 Introduction

As described in Chapter 1, the traditional flywheel system design topology, which is non-
integrated, is depicted in Fig. B.Ial This dissertation proposes a fully integrated design
based around an outer-rotor bearingless ac homopolar motor, depicted in Fig.

Since most of the flywheel’s energy is stored near its outer radius, removing the inner

! Portions of the material in this chapter have also been published in [51].
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Bearing system

PM Motor
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Composite flywheel

Outer-rotor ac
homopolar motor

Containment and
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(a) Traditional flywheel design (b) Proposed design toplogy

Figure 3.1: The traditional and proposed flywheel design topologies

Steel stator shaft
Rotor laminations

Steel rotor sleeve

Stationary
field winding

Magnetizing
flux path

Stator laminations

Figure 3.2: Outer-rotor ac homopolar motor

portion of the flywheel to make room for the motor does not significantly reduce the
amount of energy stored but substantially reduces the volume as the electric machinery
can now share the same space as the flywheel. This results in a substantially increased
energy density. Compared to conventionally used PM motor, the ac homopolar motor
yields lower core losses during energy transfer due to the inherently lower ac flux density
and the variable excitation allows for the elimination of magnetic losses during times
of idling or free-wheeling. Finally, by using current-based excitation, costly permanent

magnets are avoided, reducing the electric motor cost.
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3.2 Outer-rotor ac homopolar motor

The outer-rotor ac homopolar motor is shown in Fig. It features variable excitation
due to a field winding which is fixed to the stator. This means that no brushes or
slip rings are required. This motor has been widely considered in the literature as an
inner-rotor motor for use in superconducting and high-speed applications due to its
current-based excitation and robust rotor structure, and as a high frequency generator
due to its parallel arrangement of poles requiring no additional ampere-turns of field
winding for an increased number of poles [27,[59L65]73H75].

The magnetizing flux path, depicted in Fig. 1c, is both radial and axial. The har-
monics of the magnetizing flux density in the airgap can be controlled by the rotor
shape, with the most common rotor shapes having an airgap length profile of a square
wave and an inverted sine wave. Since the stator and rotor laminations have low mag-
netic permeability in the axial direction, a solid steel stator shaft and rotor sleeve are
used to provide an axial flux path. The difference between the stator lamination inner
diameter and outer diameter must be large enough to allow the flux to evenly distribute
itself before reaching the stator shaft, or eddy currents may be induced in the steel.
Several designs, such as [27,[65], have successfully used a solid rotor and, in some cases,
a slot-less stator.

The machine only uses half of its magnetic circuit at any location, meaning that
magnetizing flux density is always north-facing in one of the two stator/rotor sections
and always south-facing in the other stator/rotor section. In this chapter, the two
stator /rotor sections are referred to as the “top” section and the “bottom” section. The
homopolar and fundamental magnetizing airgap flux density in the top and bottom
rotor /stator segments can be described by ([B). Using only one-half of the magnetic
circuit at any location decreases both the torque density and the core losses significantly
as compared to a traditional radial flux machine. This is considered in more detail later

in the chapter.

Bf,top (a) = Bfl COoS p& + Bfo
B pot () = Bfl cos pow — By (3.1)
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3.3 Comparison to the PM motor

3.3.1 Torque density

The torque produced by classical radial flux machines is often written as a function of
the rotor volume (or stator volume in the case of an outer-rotor motor) and tangential
stress. The same is done here for the ac homopolar motor to allow for easy comparison.
A peak linear current density of A is assumed, resulting in a circumferential current
density defined by (38.2)),

A(a) =ryAsin pa (3.2)

where p is the number of pole pairs, the average tangential stress can be found by
dividing the torque 7 produced by the airgap radius r, and again by the active airgap

area, which results in (B.3)).

1
<Uf tan> = l
' rg4mryLg
L[5 [Baop(@) + Bppor(a)] A(a) da
N 4mry L
B A
= —f2 (3.3)

The torque can then be expressed as a function of the total active stator volume Vj,
resulting in (3.4)).
T = 2V(0ftan) (3.4)

Equations (3.3 and (B3:4]), which are the same expressions used for radial flux machines

[76], allow the following comparison to a PM motor:

- In a PM motor there is no homopolar magnetizing flux (Byy = 0), and therefore,
neglecting harmonics, the peak airgap flux density corresponds to B t1- In the ac
homopolar motor, l%fl is, at the most, one-half of the peak airgap flux density.
This means that the ac homopolar motor results in less than one-half of the torque

density of an equivalently dimensioned and magnetized PM motor.

- The active volume of the stator V; of the ac homopolar motor does not include the
region that the field winding spans. This further lowers the comparable torque

density of the ac homopolar motor.
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- In a PM motor, (B3] scales linearly with active length because the only depen-
dence on length is in V. In the ac homopolar motor, increasing the active length
while maintaining all other parameters increases the magnetizing flux crossing the
airgap, which means that the cross-sectional area of the stator shaft and rotor

sleeve must also increase.

- In a PM motor, A must be limited to avoid demagnetizing the magnets. No such

limitation exists with the ac homopolar motor.

3.3.2 Motor losses

In a flywheel system design, the amount of core loss is a critical design parameter. Any
comparison of merit between two different types of motors should be based around a
point of equal magnetic loss. As a simple analysis, consider the well-known Steinmetz
loss equation for iron losses in the presence of a sinusoidaly varying flux density (B.5).
This equation can be fit to steel manufacturer’s loss data with reasonable accuracy,
typically resulting in 3 values near 2. Note that B, is the amplitude of the ac flux

density (removing any dc bias) and f is its frequency.
P=Kf*B5 (3.5)

From (B3l), it can be seen that for a PM motor to have the same iron losses as the ac
homopolar motor, its peak airgap flux density must be reduced to the corresponding
B #1 of the ac homopolar motor’s flux density. Referring to (3.3)), this will decrease
the PM motor’s torque density to a value near that of the ac homopolar motor—with
the only difference caused by the volume occupied by the ac homopolar motor’s field
winding.

During times of idling, when no torque is being produced, the PM motor will continue
to incur nearly the same iron losses as when torque is being produced. This is because
the field excitation Bfl from the permanent magnets remains constant. In contrast,
the ac homopolar motor’s excitation is provided by a field winding current. This means
that during times when no torque is produced, the field current can be removed, thereby
eliminating all iron losses. However, when torque is being produced, the field winding

current will lead to additional ohmic losses. Depending on the design, these ohmic losses
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may be compensated for by being able to adjust the excitation to the most efficient

point—i.e. decreasing the excitation with increasing rotor speed.

3.4 Machine sizing equations for flywheel energy storage

The integrated flywheel and rotor can be viewed as two concentric hollow rotating
cylinders where the inner hollow cylinder is the ac homopolar rotor and the outer hollow
cylinder is the flywheel. The ac homopolar rotor can be dimensioned according the
motor design requirements with a maximum tip speed vy tip, limiting the outer-diameter
of the rotor sleeve. The flywheel dimensions are determined by the required storage
capacity, rotational speed, and outer diameter of the homopolar rotor.

Simplistic design equations follow, with relevant dimensions labeled in Fig.
These equations use the stored energy and parameters based around losses as inputs
and provide the module dimensions and power rating as outputs. This approach is
appropriate for the application of long-term flywheel energy storage, where the storage
capacity and power losses are more important than the power rating. These equations
neglect leakage flux, of which this machine caries a considerable amount, and assume an
infinetly permeable back-iron. An approximation of the machine size and design trade-
off’s can be obtained from these equations; however, a more precise design requires 3D

FE modeling.

3.4.1 Flywheel sizing

The total amount of energy stored in the flywheel is approximated as that stored in a
hollow rotating cylinder, E = %I w? . To obtain the maximum energy density, the outer
diameter is chosen to be the maximum that the flywheel’s material can support (3.6)
and the length is scaled to achieve the required storage capacity ([B.1), where vy, is
the flywheel material’s maximum surface speed, py is the material’s mass density, and

Tsiout 18 the outer radius of the rotor sleeve.

Tfout = Uf,tip/w (36)

4F
L;= (3.7)

4
2 2 Tsl,out
TPfVY tip <rf,0ut 2 )

Tf,out
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T f,out

Figure 3.3: Cross-section of the integrated flywheel and ac homopolar motor.

The energy F in (B.7) must be increased if the module doesn’t use the full speed range.
Typical designs operate over half of their speed range as a compromise between usable
energy and the torque requirement to provide constant power regardless of the state of

charge.

3.4.2 AC homopolar motor sizing

The two stator/rotor segments of the ac homopolar motor can be dimensioned using
(B4) combined with a constraint based around the maximum tip speed of the rotor sleeve
material and a constraint based around the magnetizing flux path: the magnetizing flux
crossing the airgap is limited by the amount that the stator shaft and rotor sleeve can

support. For mechanical and magnetic reasons, the following fixed lengths are assumed:
- t.s between the rotor lamination notch and sleeve,
- tss between the stator teeth and the shaft,
- gmin Minimum airgap length.

In addition to this, it is assumed that Bfl and A of (33) and maximum flux densities
of the airgap Bmax, stator shaft By, and rotor sleeve By are chosen based on loss

and material saturation considerations. With these design choices, combined with the
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amount of energy to be stored in the flywheel, the following approach can be used to
dimension the machine.

The homopolar flux density By is calculated from By and B 11 for a square rotor
in (3.8). The minimum airgap flux density (3.9), the required field winding ampere-
turns (B.I0), the axial length needed for the field winding (3.I1]), and the maximum
airgap length (B12]) can then be calculated. Note that J; is the field winding current

density (including any packing factors) and g/, and g}, are effective airgap lengths.

Bjo = Bmax — 2B (3.8)
Bumin = 2Bf0 — Bmax (3.9)
2Qif = = Bmaxfmin (3.10)

2Qif
L, = 3.11
p tsst ( )
/ HOZQTf
— 3.12
max 2Bm1n ( )

The stator slot depth d is determined by the peak linear current density A, the winding
layout, and the slot geometry. For example, a double layer winding featuring a rectan-
gular slot with a tooth width w; related to the slot width ws by w; = kws would result
in a slot depth as defined by ([B.13]). Here @ is the number of stator slots, N is the
number of coils in series per phase, k1 is the winding factor for the fundamental, and

Js is the slot current density (including any packing factors).

AQ(1+k)

L = 3.13
3Ny J; (3.13)

The magnetizing flux passing through the stator shaft, airgap, and rotor sleeve must
be equivalent, which can be used to express the following dimensions as a function of the

airgap radius 74: the axial length of each stator/rotor section (B.I4), the inner radius



42
of the rotor sleeve ([3.I5]), and the outer radius of the rotor sleeve (3.I6]).

by = _%gmin + Gmax + Urs
ts = %gmin +ds +tss
(Tg - t8)2 Bsh

Ly =—F———— (3.14)

s 27’9 Bf(]
Tslin = Tg + IR (315)
T'sl,out = \/(1 + %) 7'3 + 2 <tr —ts gssl;) Tg + t% + t?g—z}; (316)

Finally, the axial length of the machine is combined with the flywheel axial length L
from (B7), resulting in (BI7) where L; is the axial length reserved for the bearing
system. This equation can be solved for the airgap radius r, which determines the

remaining dimensions.
2Ls+ L, + Ly =Ly (3.17)

For high speed designs, the outer radius of the motor sleeve is constrained by the
material’s maximum tip speed. This limits the amount of magnetizing flux the machine
can contain, which reduces the maximum stator/rotor section length and therefore the

torque density. In this case, the airgap radius can be solved directly from the outer
radius of the rotor sleeve (B.I8]).

a=1+ g—i’;
b=2 (tr —t@j)
2 2 2 B,
c= tr - rsl,out + ts BS};
—b b2
Ty = %_i_ W_g (318)

The resulting machine’s torque capability can be estimated from (B.4]). The power
rating of the flywheel module is determined by the motor’s rated torque at the lowest
operational speed, as this is the largest power that can be maintained over the entire
speed range.

Consider the design specifications in Table Bl In Fig. B4l the maximum rotational
speed is varied while the usable energy is fixed at 10 kWh. The resulting estimated power
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Table 3.1: Example flywheel design parameters

Bgp, By 18T, 18T
By1, Buax 0.25 T, 0.4 T
A 12 A/m
Ymin 1.25 mm
trs, tss 5.5 mm, 7.5 mm
Jp, Js? 2.3 A/mm, 3.5 A/mm
Q,p 36 slots, 4 pole-pairs
kw1, k 0.9452, 1.2
prl 1600 kg/m*
Uf tips Vsl tip 940 m/s, 200 m/s

“The current densities incorporate achievable packing factors.
’Typical data for carbon composite material is used for the flywheel.

and machine dimensions are shown, assuming that the flywheel module’s operating
speeds range from full to half. This is then repeated with the maximum rotational
speed fixed at 24 kRPM and the usable energy varied. It is clear that in terms of power
density, there is an optimal energy-stored and rotational-speed combination. If either
the stored energy or rotational speed of this optimal point is exceeded, the maximum
tip speed of the rotor sleeve limits the rotor’s diameter and prevents the machine design
from using the available axial length. When more power is desired, the PM motor has
an advantage over the ac homopolar motor, since its axial length is independent of its

rotor radius.

3.5 Example design

To validate the sizing equations, the design corresponding to the largest power density
in Fig. B4 (24 kRPM, 10 kWh) was explored with 3D FE analysis. Magnetization data
for an iron cobalt alloy was used for modeling the solid steel rotor sleeve and stator
shaft [77] and a thin silicon steel was used for the rotor/stator laminations [78]. All
simulations were solved in Infolytica MagNet software as 3D static nonlinear and used

quarter symmetry. The model used is shown in Fig. B.5al
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Figure 3.4: The flywheel module power and dimensions estimated by the sizing equations
for different maximum rotational speeds and amount of energy stored. All other param-
eters are specified in Table Bl Note that as the maxium operating speed changes, the
energy density of the flywheel design remains nearly constant but the length-to-width

ratio varies.
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FE results under full-load and no-load are shown in Fig. The excitation current
had to be increased by 30% from that calculated by the sizing equations to obtain the
required airgap flux density and the torque estimated by the sizing equations was ap-
proximately 1.2 Nm greater than that obtained through the FE results. This illustrates
the inaccuracies of the sizing equations and the need for 3D FE analysis when designing
the ac homopolar motor. In a future work, 3D transient nonlinear modeling will be
conducted to analyze losses in the laminations and solid steel and to determine values

for t45 and t,s.

3.6 Conclusion

The outer-rotor ac homopolar motor has been investigated for use in flywheel energy
storage technology. It was shown that for low power designs, where magnetic losses
are a key design parameter, the ac homopolar motor has a similar torque density to
the typically-used PM motor. The PM motor has magnetic losses while idling but the
ac homopolar motor does not. For these reasons, it is concluded that this motor is a

promising machine for developing a flywheel system with long storage intervals.
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Figure 3.5: Results from 3D FE analysis of a 10kWh, 24 kRPM design; the full field
excitation of 1100 ampere-turns is to be used at half-speed while 550 ampere-turns of
field excitation is to be used at full-speed; (b), (c), (e), and (f) correspond to full field
excitation and are evaluated at an axial location in the middle of each stator/rotor
section.



Chapter 4

Magnetic Equivalent Circuit
Modeling of the AC Homopolar
Motor

This chapter develops a magnetic equivalent circuit model suitable to the design and
optimization of the synchronous ac homopolar motor. This machine features both axial
and radial magnetizing flux paths, which requires finite element analysis to be conducted
in 3D. The computation time associated with 3D finite element modeling is highly
prohibitive in the design process. The magnetic equivalent circuit model developed in
this chapter is shown to be a viable alternative for calculating several design performance
parameters and has a computation time which is orders of magnitude less than that of
3D finite element analysis. Results obtained from the developed model are shown to
be in good agreement with finite element and experimental results for varying levels of

saturation

! Portions of the material in this chapter have been submitted for publication in [48].
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4.1 Introduction

The complex geometry and flux paths of the ac homopolar machine make the machine
particularly difficult to design. The magnetizing flux flows in all three directions, re-
quiring that finite element (FE) models be constructed in 3D. The computation time to
evaluate 3D FE models is significant, making them impractical for use in optimizing the
machine’s design. Obtaining a less computationally expensive model of this machine for
use in the design process has been the focus of several recent papers [31L[79-82]. These
papers have used techniques including magnetic equivalent circuits (MEC), analytic
modeling, and a 2D equivalent FE model and either fail to accurately model saturation,
exhibit poor agreement with 3D FE results, are highly specific to a certain design’s
unique geometry, or take too long to solve. To the author’s knowledge, there is not
yet a sufficiently accurate model of the ac homopolar machine which is computationally
efficient enough to be used in a design optimization.

The main contribution of this chapter is to develop a model of the ac homopolar
machine which is both sufficiently accurate and has a short enough solve-time that
it can be used in the design process. This model is based on MEC theory and is
constructed in a manner which allows the designer to easily select a desired trade-off
between accuracy and solve time. Simple, 1D flux tubes are used within a 3D magnetic
circuit that includes both leakage flux paths and the effects of saturation. The geometry
and path of each flux tube is presented. Symmetry is exploited based on the number
of machine pole pairs and additional axial symmetry is used for evaluating the machine
under no-load conditions. A mesh-based solution is used, as opposed to the conventional
nodal-based solution, because it has been shown in [83,[84] that this solution exhibits
better non-linear convergence and therefore reduces the computation time when portions
of the model are saturated. Finally, both 3D FE and experimental results are used to
validate the developed model. In Section [£.2] background information and literature on
ac homopolar machine and MEC are presented; in Section 3] an overview of the MEC
model as applied to the ac homopolar machine is presented; in Section [£.4] the geometry
of each flux tube is defined; and in Section [£5] results obtained from the MEC model

are compared against FE and experimental results.
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Magnetizing flux path

Figure 4.1: Synchronous ac homopolar machine geometry used for the MEC

4.2 Background

A diagram of the ac homopolar machine, as considered in this chapter, is shown in
Fig. 41l As drawn here, the machine has two laminated rotor segments mounted on
a magnetic shaft. A stationary field winding is mounted on the stator which encircles
the rotor and causes a homopolar magnetizing flux to flow axially along the rotor shaft,
radially through the rotor and stator laminations, and axially along a steel stator sleeve.
The stator laminations can either be continuous, as drawn in Fig. €1l or they can be
constructed as two separate stacks sandwiching the field winding.

Recent literature has proposed using MECs with 1D flux tubes in the design of
various synchronous PM, induction, and wound-rotor machines as an alternative to 2D
FE models [85H89]. It has been shown that this is an effective tool in population-based
design processes, where the number of candidate designs can easily exceed 10 and
even 2D FE models are too computationally expensive [85,00]. The MEC model is
usually solved using a nodal approach, similar to what is done in various electric circuit
solvers; as previously mentioned, it has been shown in [83|/84] that this solution approach
can lead to convergence problems. In [91] an approach to model nonlinear magnetic
materials was presented that guarantees convergence properties for mesh-based MEC
solutions. While the convergence problems are eliminated with a mesh-based solution, a
new problem arises due to the number of airgap flux tubes changing with rotor rotation
(setting a flux tube permeance to zero results in an infinite reluctance); possible solutions

to this include either using a fixed airgap mesh or the shaping algorithm defined in [84].



50
4.3 Overview of the MEC model

The model presented here is intended to be general enough to work for an ac homopolar
machine with any combination of slots, poles, and phases. The circuit for the machine
is divided into 2D “slices”, where each slice represents a cross-section. The slices are
then connected via axial reluctances of the shaft, sleeve, and laminations. The circuit
for a single slice is shown in Fig. f.2al which corresponds to an 8-pole, 12-slot machine.
Here, quarter symmetry is used, so that only three stator teeth and one rotor tooth
appear in the circuit. The connection of the slices to form the full 3D circuit is shown
in Fig. [4.2Dl Slices 3 and 4 correspond to the bottom rotor lamination stack, and have
0., rotated by 180° from the top rotor slices.

True mesh analysis only applies to planar circuits; the MEC for this model is not
planar (note that the stator node in Fig. [£.2a] is completely surrounded by branches)
which means that it requires the more general loop analysis method. For the purposes
of this chapter, this means only that certain reluctance branches will belong to three
mesh fluxes, as opposed to two. The total number of required meshes is given by (4.1]),

where b is the number of flux tubes and n is the number of nodes.
Np=b—n-+1 (4.1)

The meshes for a slice are labeled in Fig. [4.2al with polarity defined in the clockwise
direction. An additional mesh flux corresponding to the homopolar flux path must be
defined between every two slices, labeled in Fig. [4.2bl as ¢;,. If these slices span the field
winding, the mesh will experience the field winding’s ampere-turns as its MMF. It is
important that the homopolar mesh use the same stator reluctances in each slice, so as
to avoid encircling any of the stator slot current. For example, reluctances in ¢, can

be assigned as follows:

Pathg,, = Ry + Slice 1 — Rggq — Slice 2
= Rarll + Rry,l + thl,l + Rrg3,1 + ngl,l
+ Rstl,l + Rsbyl,l + Rsbsll,l - Rasll_Rsbsll,2

— Rapy12 — Rst12 — Rsg12 — Rrg32 — Ry 2

— Ry 2 (4.2)
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Under no-load conditions, symmetry can be used so that the MEC only consists of
the top slices. In this case, the acting ampere turns from the field winding is cut in half,
the length of the flux tubes corresponding to Ry, ¢, Rasif, and Ry is cut in half, and
the homopolar mesh, which would have normally included a top and bottom slice, now

only includes a single slice and is defined by (4.3)).

Path(j)hfysym = Rshf + Rari2 + Rry,2 + thl,2 + Rr93,2
+ ngl,2 + Rst1,2 + Rsby172+Rsbsll,2
- Raslf (43)

All other aspects of the MEC remain the same. After solving, the mesh and branch
fluxes in the bottom slices can be constructed from the solution for the top slices as
Pbot = —Ptop-

The system of equations is created by writing mesh loop current expressions for each
mesh and solving the equations simultaneously. For example, the mesh equation for ¢
of Fig. d.2alis given by (4.4)) where Fg1 = N1; is the MMF from the slot current in slot 1
at the instant of time the model is being solved. The only meshes which contain current
and therefore an MMF source are those labeled as ¢4 and ¢, r. The individual mesh
equations are assembled into a non-linear system in matrix form, given by (4.5]), where
Apg is a square reluctance matrix of size V,,; ¢ and F are vectors of the mesh fluxes
(which are the unknown variables) and MMFs (which are the known source terms),
each of length V,,. The equations can be solved through well-established techniques for
non-linear equations, such as the commonly used Newton-Raphson Method. A detailed
description of the procedure for doing this and considerations which must be taken into

account are presented in [83][84].

Jtstl: [Rst?) + Rsyﬁ + Rsyl + Rstl + Rtfl] ¢st1
_Rst1¢st2 - Rst3¢st3 - Rtf1¢slkgl - Rsy6¢sy6 - Rsyl¢sy1 (44)
0=Ag(d)¢—F (4.5)
The designer is free to select the number of slices to be used based on the desired

accuracy. The fewest number of slices possible is one, for the no-load symmetry case.

For models with slot current present, an even number of slices must be used. Each slice
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contains 10Q) — 1 meshes, where @ is the number of stator slots in each slice’s problem
space (i.e. @ = 3 in Fig. d.2al). Since the system of equations consists of as many
equations as there are meshes, increasing the number of slices increases the required
solve time.

Once the system of equations has been solved, the mesh fluxes are used to calculate
the flux flowing through each flux tube of the MEC. The flux densities in various points
of the machine can be calculated by dividing the flux flowing through a flux tube of
interest by its cross-sectional area. This information can then be used to calculate
magnetic losses. The flux linkage for each stator coil is calculated as the sum of the flux
linking the coil in each slice, which [85] shows is the sum of the ¢4 meshes that encircle
a given coil. The model can be solved for different values of 8,, to construct a Fourier
Series of the phase flux linkage, which can then be differentiated to obtain the phase
back-EMF (4.7).

Au (Om) = Ao+ Y A sin (00 + 6,) (4.6)
v=1
d\y
Vi (t) = g
= dz—;n VAy,p €08 (U0, + by) (4.7)
v=1

Torque can be calculated from the field energy in the airgap permeances [92]. When
the machine winding does not contain subharmonics, enabling symmetry to be used
to model a single pole-pair, the torque can be calculated from (48], where N, is the
number of R,, flux tubes over all slices, 0, is in electric radians, and p is the number
of pole-pairs, and P, ; is the permeance of the specified flux tube. Only airgap flux
tubes corresponding to R, are considered in the torque expression because, as described
later in Section [£.4.3] these are the only flux tubes which have permeance values that
depend on rotor position. The partial derivative of these permeances can be calculated

analytically and expressions are provided in Section 2.3l

Nq
T (0 )—Qz.ﬂ OPrg (4.8)
m) — 2 g 73,1 aem .
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Figure 4.3: Flux tubes in various parts of the MEC slice

4.4 Flux tube definitions

The shape of each of the flux tubes is now considered. While the flux tubes are defined
with regards to the particular geometry this machine drawn in Fig. [£.1] they can easily

be modified to account for different pole and tooth shapes.

4.4.1 Stator flux tubes

The stator lamination and slot flux tubes are defined in Fig. 1.3al where the nodes
connecting the reluctances are labeled as black dots. The flux tubes are largely the same
as what is described in [85], with two exceptions: first, pole shoes and their associated
fringing fluxes are modeled (Ry and Ry); second, radial flux tubes are added to the
stator yoke and sleeve (Rgpy, Rspsi, Rscys Rsest) for the homopolar flux.

Whenever the path length varies in a flux tube, such as in R, and R;;, the mean

path length is used. The length of the stator tooth flux tube Ry is assumed to extend
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half-way into the stator yoke; the length of the radial yoke flux tubes (Rgpy, Rscy) is
one-half of the yoke width; the length of the sleeve flux tubes (Rgps;, Rsest) is one-third
of the sleeve width. The stator pole-shoe leakage reluctance R,y is calculated from two
separate permeances, a fringing permeance (£9]) and a direct permeance (4.I0]), where
d is the axial depth of the slice.

Wps d
Pp. = / Ldr
0

by +7r
Hod TWps
= — 1 4.9
™ t < + b1 > ( )
Py = ’“‘ObTipsd (4.10)
1

4.4.2 Rotor flux tubes

The rotor lamination and slot flux tubes are defined in Fig. £.3bl The rotor yoke is
modeled very simply as a single flux tube because the flux density in this region is
constant under steady state conditions and decomposing it into radial and tangential
paths is not of interest. This flux tube is denoted as R,, and is modeled with a path
length of L!, — Sh;, and a cross-sectional area of amdw, where «, is the angular
span of the slice (a,,, = § for Fig. B.2al). The model uses Q + 1 radial tooth flux tubes
and @) tangential tooth flux tubes with the geometry as shown. The tangential tooth
flux tubes are intended to capture the flux density variation under load conditions due
to slotting and localized saturation. These flux tubes are assumed to have a width equal
to the airgap length. Radial leakage flux from the rotor slot to the airgap is modeled
through @ — 1 flux tubes (R,s) which are assumed to have a cross-sectional area defined
by ([@II)) and a length defined by (#I12), where W, is the slot width and «; and s
are the angular locations of the two corners of the flux tube on the rotor slot edge with

respect to the center of the slot. The fringing fluxes from the rotor tooth are taken into

account through airgap flux tubes defined in Section [£.4.3]

WTS
Ari = 250 (4.11)
Ly = Ly, — o) T lrl02) (4.12)
Lri
lr(a) =
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4.4.3 Airgap flux tubes and rotor motion

To avoid the previously described issues pertaining to rotation, a uniform number of
airgap flux tubes are used (regardless of the rotor position) which are connected to
evenly spaced nodes in the center of the airgap, shown in Fig. d.2al The airgap nodes
are centered in equal width regions which connect to stator flux tubes on the top and
rotor flux tubes on the bottom. The number of airgap nodes is equal to twice the
number of stator teeth so that the fringing fluxes from the stator pole shoes have a well
defined path. The location of these airgap nodes does not change with rotor position,
meaning that the flux tubes on the stator side of the rotor need only be calculated once.
The geometry for the stator airgap flux tubes is shown in Fig. d3cl the reluctance value

for Ry, is given by (AI3]) and Ry, is calculated through two parallel permeances defined

in (@I4) and (£I5).

9/2
o= 4.13
7 NOWstd ( )
ng = (Pfr + Pd)_l
Tps d
Py = / 0 —ar
0 g/2 + 57’
_ 2mody (1 + ﬂ) (4.14)
T g
Py = FodWps (4.15)
9/2

On the rotor side, an equal number of nodes are placed on the rotor at the interface
to the airgap which are also assumed to reside in equal width regions. Based on the
rotor’s rotation (the value of 6,,), each rotor interface node is connected to the nearest
two stationary airgap nodes via flux tubes. The permeance of the flux tubes is based on
the overlap of the airgap and rotor interface regions. When the rotor node resides on
an edge of the rotor tooth, fringing permeances are defined. Three cases which must be
considered when calculating the permeances are depicted in Fig. 44l Note that cases
2 and 3 are depicted for when the rotor node is on the right edge of the rotor tooth;
similar drawings can be made for when the rotor node is on the left edge. Calculations
are now presented for the rotor airgap interface permeances and their derivatives, which

are needed for use in the torque expression (4.g]).
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Figure 4.4: Rotor airgap interface flux tubes

Rotor airgap permeance case 1

These permeances are calculated as (£16) and ([AI7). The necessary derivatives can be

calculated by differentiating these expressions with respect to z,, and multiplying by
E.19).

Ta + sk — Ty,

Prgr.1 = pod 4/2 (4.16)
Ta + Tpi — Xs
Prgr1 = pod 2 — (4.17)
. LTO
xp, = (i — Dk + ) Om (4.18)
dz,, Lo
= (4.19)

Rotor airgap permeance cases 2 and 3

The fringing permeances for cases 2 and 3 are calculated through integration in a manner
similar to (4.9]), but with the limits of integration based on the permeance channel width

(wq, wp, we in Fig. [@4]). The results of these calculations are summarized in Table 411
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Table 4.1: Permeance calculations for rotor airgap@
Case 2 Case 3
Left Right Left Right
Ts,, + %“_b < T, > T, > Ty, <y,
Wq = To+ = - T, = Tspyy | Ts, — Ty
wp = F+ | Ty Tsppr | Tsp — Ty Tspy = Try | Try — Tsppq
We =Tat | Ts, —Tp; | Try — Tspyy %‘l —%“
e 0,1, -1 0-1,1 1,-1,0 -1,1,0
PrgL Pc Pa+Pb Pb+Pc Pa
PrgR Pa+Pb Pc Pa Pb+Pc
waed wad
P, Moy /2 Moy /2
2p0d Twp wpd
B, o ln(l—l— g ) /Log/2
2uo0d Tw, 2uod Tw,
P. 2ol (14 7o) 2oy (14 me)
0P, pod dwg pod dwq
8I7‘i g/2 dzri q/2 dz”
oP, 2uod  dwy pod dwy
Ozr; g+mwy der, 9/2 dzr,
oP. 2uod dw, 2uod  dw.
Ozy, gtmwptmwe | der, gt+mwe drr,
__mwe  dwy
gt+mwy dzr,

“These expressions are used for flux tubes associated with node z,, when this node is on an edge of
the rotor tooth. “Left” and “Right” columns are used based on if the node is on the left or right edge.
Check this condition to determine whether Case 2 or Case 3 expressions apply
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(b) Rotor laminations  (c) Modified stator (d) FEA Model

Figure 4.5: (a) AC homopolar machine (right) connected to a dc motor (left) with an
encoder (far left) and torque transducer (center) in the test stand; (b) the rotor lami-
nations; (c¢) the modified stator with field winding installed; (d) the quarter-symmetry
3D FEA model used.

4.4.4 Axial flux tubes

The axial flux tubes that connect pairs of slices, shown in Fig. [£.2B] are assumed to
have a length equal to the sum of half of each slice’s thickness. The flux tubes for the
shaft and sleeve (Rgp, Rsnyp, Rg, Ry f) are cylindrical shapes and the dimensions are
easily determined. The axial stator lamination flux tubes (Rgs;, Rqsi¢) are in the shape
of cylinder spanning the stator yoke (from the back of the stator slots to the start of
the stator sleeve). The axial rotor lamination flux tubes (Rgp;) are assumed to have a
cross-sectional area equal to the entire rotor lamination cross-section.

The flux flowing through the axial lamination flux tubes encounters a large re-
luctance because it is flowing against the stacking direction and was initially ignored.
However, in designs were the rotor shaft and stator sleeve are near saturating, significant
homopolar flux flows axially in the laminated regions and is important to the machine’s

performance.
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Figure 4.6: B-H curves used in the MEC and FEA models. The dotted points represent
the data and the solid line is the fit. The M19 axial entry is the data used for axial
lamination flux tubes.

4.5 Results

An ac homopolar machine has been constructed by modifying the stator of a commer-
cially available induction machine. Pictures of the prototype can be seen in Fig. and
the machine parameters are described in Table The MEC has been used to model
this machine under various load and no load conditions. Quarter symmetry is used, so
that the MEC consists of 9 slots and all no-load models make use of axial symmetry.
The results are validated against FEA simulations conducted using Infolytica’s Mag-
Net software. The laminated steel was modeled using data provided in MagNet and a
generic solid steel material model was used for the rotor shaft and stator sleeve. In the
FEA models, the laminations are modeled as anistropic, with a reduced permeability in
the axial direction based on the stacking factor. The BH curves used for FEA were fit
to the anhysteretic permeability model presented in [91], shown in Fig. 4.0l for use in
the MEC model.

Results from a no-load test and the measured torque profile are shown in Fig. L7
The MEC model was solved several times with differing numbers of slices to observe the
trade-off between computational accuracy and effort. A single solve consistently required
less than one second for up to 8 slices, while a single static solve of the 3D FEA model
required approximately 2 minutes. Fig. [4.7al depicts the effect that the number of slices
had on calculating the no load phase voltage for varying levels of saturation. There is
a noticeable improvement when using 2 slices instead of 1 slice; much less improvement

is observed when using 5 slices instead of 2 slices. The calculated voltage waveform



Phase Voltage (V)

S
S

%
S

=)
=)

'S
=]

)
=

=]

100 1

‘.;.. *

50

61

Hardware
FEA
MEC

Ry AR
Ml

/

0 0

" Field current (amps)

(a) Phase voltage magnitude

Torque (Nm)

@ \
o0
< [ \
.‘ [ ] Hardware ﬁo 0 \ !
'l B FEA = ‘ /
S MEC: 1 Slice \ j
* MEC: 2 Slices 50 | \‘ I
Ps X MEC: 5 Slices m,wwmw
. . . . -100
02 0.4 0.6 038 1 0.005 0.01 0015 002

Time (seconds)

(b) Phase voltage waveform

50 100

150

Torque angle (degrees)

(¢) Torque characteristic

Figure 4.7: Comparison of: (a) the fundamental component of the no load phase voltage
at various field excitations; (b) the no load phase voltage waveform; (c) the torque
profile. In (c), each line corresponds to a different field current: starting at 0.3A and
increasing by 0.3A. All FEA was conducted on static models.

Table 4.2: AC homopolar prototype parameters

Field winding
Rated field winding current
Rated phase current
Airgap min / max length
Airgap radius
Rated speed
Number of poles / slots
Coil span

Laminations

2760 turns
0.57 A
3.2 A (RMS)
1/16.5 mm
52 mm
750 RPM
8 /36
4 slots
24 Gauge M19
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Figure 4.8: Radial flux density in the stator teeth under rated field excitation and
either no-load or rated load with a torque angle of 90°: (a), (b) in each tooth at an
axial location matching the middle of the top rotor lamination stack, tooth 1 is at 10°;
(¢), (d) in tooth 1, each MEC data point is from a separate slice.
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is shown in Fig. [L.7b] where it is apparent that the MEC does a poor job of handling
harmonic content. The torque angle profile calculations from both the FEA and MEC
models are shown in Fig. 1.7d for a wide range of saturation levels. The MEC clearly
exhibits good agreement with the FEA results. The MEC also accurately calculated
the flux density in various locations of the machine. A comparison of calculations with
static FEA for the stator teeth, yoke, and sleeve is shown in Fig. A8 and 4.9

The machine performance is also affected by transient effects due to eddy currents
in the solid steel of the rotor shaft and stator sleeve. Under steady-state operation, the
rotor flux rotates at the same speed as the shaft and therefore induces no current in
the shaft; however, the stator sleeve will experience a rotating flux and therefore eddy
currents. These eddy currents present a greater reluctance to time varying flux, resulting
in the following effects that are not modeled in the MEC or static FEA: 1) the homopolar
flux will more evenly distribute itself in the stator yoke before entering the sleeve; 2)
the armature reaction flux will be more constrained to the stator yoke. An example
of the eddy currents and resulting field is depicted in Fig 10l Transient FE models
were used to explore these effects and were constructed by setting the conductivity of
the solid steel regions to 6.3 x 106 S/m (a typical value for low carbon steels), placing
layers of 3rd order elements sized at one skin depth on the inner bore of the stator
sleeve (“Eddy current region” in Fig. I0l), and solving for 1.5 electrical periods (to
allow initial “turn-on” transients to decay). Depending on the operating conditions,
each model required 20 - 30 hours to solve. For the example design, transient models
operated from 750RPM to 45,000 RPM yielded no significant differences from the static
results presented in Fig. L7149

The calculated sleeve eddy current losses vary as a function of rotational speed and
are shown in Fig. A1Tal While the models that are under load exhibit more sleeve
loss due to the armature reaction field, the sleeve losses remain insignificant compared
to both the design’s rated power and the iron losses in the laminated yoke. Next,
the yoke thickness wg, was decreased from 11.9mm to cause saturation in the yoke
and force additional time varying flux into the sleeve, see Fig. 411bl Reducing the
yoke thickness increases the tangential field (Fig. AI1d), which is time varying, causing
significant increases in the yoke iron losses before any observable increase in sleeve losses.

Fig. [£11d shows that the transient model always calculates the largest peak tangential
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field in the yoke, which is an expected consequence of the sleeve eddy currents. The
static FEA and MEC models exhibit the same trends as the transient model and all
three models are in good agreement for the more reasonable values of yoke thickness.
This trend agreement combined with flywheel designs being highly sensitive to losses
and lamination losses varying with small changes in yoke thickness mean that a design
optimization utilizing the MEC would move away from the unreasonably thin yokes
where Fig. A.11c shows the static models to be inaccurate.

Finally, since the flux path of the field winding is through the solid steel regions,
changes in the field winding current will induce eddy currents in both the stator sleeve
and the rotor shaft. The machine is operated with a dc field current, meaning that this
will only have an effect when the field winding is turned on or off-i.e. when the flywheel
unit is transitioning into or out of idling mode. The current response to applying
200V for 100ms is shown in Fig. [£11dl The static FEA and MEC models are used
to calculate this current by transforming V = RI + LI + I L into a difference equation
using a backwards-difference approximation. The eddy currents cause the flux paths in
the transient model to initially have a greater reluctance, reducing the inductance and
allowing current to build up more rapidly. When the current exceeds 500mA, the flux
paths in the static FEA and MEC models start to saturate, causing them to experience
less inductance than the transient model and an accelerated increase in current. While
this current response is the most notable discrepancy between the static and transient
models, it is not typically an important design parameter of flywheel systems and can

most likely be ignored in a design optimization.

4.6 Conclusion

AC homopolar machines have unique features which could be leveraged to design a
long-term, low self-discharge flywheel energy storage module. However, a significant
challenge in designing and optimizing the ac homopolar machine is the computation
time required by 3D FEA models. This chapter has developed a general MEC model
which can be solved in a fraction of the time required by 3D FEA models and has been
shown to exhibit sufficient accuracy in key performance parameters, including: torque,

no load voltage magnitude, and flux density (enabling loss calculations). It was shown
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that inacuracies due to static assumptions either do not matter for flywheel designs or
only occur in unsuitable designs. The author envisions this MEC model being used in
the design optimization process of ac homopolar machines, with a transient 3D FEA

reserved for final design validation.



Chapter 5

Rigid Body Rotor Model Under

Variable Excitation

One of the primary reasons that this dissertation is proposing the use of the bearingless
ac homopolar motor for flywheel energy storage is the ease at which the machine can be
operated under reduced excitation to minimize idling losses. This chapter investigates

the impact of the excitation level on the magnetic bearing capabilities of the machine

5.1 Introduction

A complication arises in the radial force production when operating the bearingless ac
homopolar motor under various excitation levels. The magnetic bearing position stiff-
ness, which determines the unstable pole locations of the magnetic suspension system,
and the bearing current stiffness are dependent upon the field excitation level. This
means that a suspension controller proven to be stable for one level of field excitation
may be unstable or perform unsatisfactorily for another level of field excitation. Since
variable field excitation is an important ability of a bearingless ac homopolar machine
applied to flywheel energy storage systems, it is necessary to have a suspension force
model that can account for different excitation levels. The bearingless ac homopolar

motor has been considered in [52,56,/60,62], none of which analyze this dependency. In

! Portions of the material in this chapter have also been published in [50].
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Figure 5.1: Bearingless ac homopolar machine with a square rotor.

this chapter, the classic, linearized suspension force model is modified by replacing the
position and current stiffness constants with simple polynomial functions of the field
current. These polynomials are fitted to 3D finite element simulation results where the
field current has been varied over a wide range to include values where the machine’s
iron is largely unstaturated as well as moderately saturated.

The inner-rotor bearingless ac homopolar motor is considered, as depicted in Fig. 511,
with two different rotor structures. First a rigid body suspension model is presented for
the bearingless ac homopolar machine; next, the machine design and finite element sim-
ulation models are presented for two different rotor structures; finite element simulation
models are used to investigate radial force dependence upon angular position and the
cross-axis coupling for each rotor structure; finally, the finite element results are used to
analyze the dependence of the suspension position stiffness and current stiffness on the
field excitation, and the accuracy of modeling these quantities with simple polynomial

functions of different degrees is evaluated.

5.2 Rigid body model

The classical linearized suspension force model of a magnetic bearing [93] is shown in
(1), where k is the bearing position stiffness and k¢ is the bearing current stiffness.
For the bearingless ac homopolar machine this equation can be interpreted as describing
the force produced along either the x or y axis upon one of the two rotor segments; ¢ is

then the deviation from the center position along that axis; and ¢ is the corresponding
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Figure 5.2: Diagram of the bearingless ac homopolar machine depicting the rigid body
model notation.

(a) Square rotor (b) Sinusoidal rotor

Figure 5.3: Models used for 3D finite element simulation.
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Figure 5.4: (a) Radial force values as a function of the rotor’s angular position when
if = 2.33A, and i, = 5A; (b) normalized force ripple in the orthogonal direction; (c)
normalized force ripple in the principle direction. In all cases, the rotor is centered; for
(b) and (c), if is swept from 0.33A to 2.67A and i, is swept from 1A to TA.

suspension phase current.
k
F(6,is) = —§5+kfz‘s (5.1)

While a high-speed flywheel rotor should be modeled as a flexible dynamic body,
such a model adds complexity not necessary for the purposes of this chapter. Instead,
it is quite illustrative to consider the rotor as a stationary rigid body. In this case,
the z and y axes are decoupled. Referring to Fig. 5.2] the forces on each of the rotor
segments are denoted as F; and Fy which can be interpreted as either the z- or the y-axis

forces and i51 and ig are the corresponding suspension phase currents. The equation
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of motion can be applied and the results linearized to derive the following state-space

representation with two states, dy and 6 [93]:

6] [o 1 o ol (s
do| |~-%2 0 0 0f]d
o6( o o o 1|])e
. Tzk‘\ .
g 0 0 5= of |4
0 0
kg kr :
+1m™ m Z,Sl (5.2)
0 0 152
r(;kf _T(gkf
- I I -

where m is the mass of the shaft, I is the moment of inertia of the shaft about the

magnetic bearing axis (either the z- or y-axis). The characteristic polynomia has
2
unstable poles located at “:n—é‘ and % The suspension controller must stabilize

these poles in order to levitate the rotor.

5.3 Machine design

This chapter considers two different designs with the same stator but different rotors.
Each rotor structure has the same minimum and maximum airgap length and in both
cases backup bearings prevent the rotor from being displaced more than 1mm. The

remaining machine design parameters are summarized in Table .11

5.4 Finite element analysis

Infolytica’s MagNet software was used for finite element modeling. Since the flux paths
are both axial and radial, the analysis must be done in 3D. In addition to this, the
suspension winding end-turns needed to be fully modeled as they reside between the
two stator stacks. All results were taken with only the field winding and a single
suspension winding phase excited (i.e. the z-direction phase) under static analysis. The

rotor’s angular position, the rotor’s lateral displacement, the field winding’s excitation,

2 Note that for magnetic bearings ks, is always negative
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Table 5.1: Machine design parameters

Field winding 1100 turns
Airgap minimum length 2 mm
Airgap maximum length 17.5 mm

Number of rotor poles 8
Stator slots 36
Suspension winding type || Double layer lap
Coils per suspension phase 6
Suspension coil pitch 18 slots

and the suspension winding’s excitation were all varied. The models used for simulation
are shown in Fig. B3l A single static solve typically used approximately 1.1 million
elements and took approximately 13 minutes to solve on a PC with an Intel i7 3770

processor.

5.5 Force ripple and interference

While the bearingless ac homopolar machine is able to produce suspension forces largely
independent of the rotor’s angular position, there is still some unwanted dependency
upon the angular position. This is depicted in Fig. [5.4] and is a result of harmonics in
the suspension winding’s MMF. The principle direction is defined as the desired force
direction (i.e. the x direction when the z-phase winding is excited) and the orthogonal
direction is defined as the direction orthogonal to the principle direction (i.e. the y
direction when the z-phase winding is excited). The ripple in both the principle and
orthogonal directions have a period of 90 degrees. For this reason, when a single data
point is required for a force and the rotor’s angular position is not of interest, the data
point is taken as the average of the force over 90 degrees of rotor rotation. Notice that
the sinusoidal rotor has less unwanted force ripple in both the principle and orthogonal
directions. However, the square rotor is able to produce a greater force per ampere of

suspension winding current.
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5.6 Dependence on field excitation

To modify (5.I) to model multiple values of the field excitation, this chapter replaces
ks and k; with the polynomial functions indicated in (B.3) and (5.4). To do this,
each polynomial is fitted to finite element results using the least squares method, as
described below, and the results are displayed in Fig. Here, Fig. 6.5al validates the
linear approximation of ¢ for small displacements, Fig. [5.5bld show the data points used

to fit the polynomials, and Fig. [5.6al and [5.6b] are used to validate the model.

Pi(if) = ksiiy
ks =q Paliy) = ksiig + ki (5.3)
| Pa(iy) = kaiy+ k‘s2i3: + ks3i§’f

Si(ig) = kyprig
kp=1q Salif) =kpip+kpoi% (5.4)
Ss(if) :kflif+kfgi§+kfgi§

To fit kg, the simulations are run with i3 = 0A, § = 0.1mm, and the field current i,
is swept from a small value up to a current density of approximately 5A /mm?, where
portions of the machine’s iron are moderately saturated. To fit k¢, the simulations are
run with the rotor centered (§ = Omm), iy is swept over the same range as for fitting

ks, and 75 is swept over a wide range.

5.7 Discussion

The quality of the polynomial fit can be evaluated by taking the error for each data
point, normalizing this by the stiffness magnitude, and taking the average for each
polynomial, as described by (B.5]) and (5.6]). In this expression, the subscript indicates
whether the error is for the position or current stiffness and the superscript * indicates
the value predicted by the polynomial. The results are shown in Fig. 5.7 where it is
clear that the third order polynomial gives the best fit for both the position and current
stiffness. However, it is of note that only minor improvement in fit is gained from
increasing the current stiffness polynomial from second to third order (2.1% to 0.2% for

the sinusoidal rotor and 2.4% to 0.2% for the square rotor). For the position stiffness,
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this improvement is significant (22.1% to 4.0% for the sinusoidal rotor and 22.3% to

K — ky|
€f = <W> (5.6)

As shown in Section [5.2], the unstable poles’ locations vary by the square root of the

3.9% for the square rotor).

position stiffness. If the uncertainty in the position stiffness is taken as e; from (B.5l),
then the uncertainty in the predicted pole locations can be defined as (5.7). The results
are depicted in Fig. 5.8 where it can be seen that the third order polynomial gives a

very accurate estimation for the pole locations.

5.8 Conclusion

The classic, linearized magnetic bearing force equation has been revised to model the
bearingless ac homopolar machine’s suspension force under various excitation values. It

has been found that the revised model accurately reflects the finite element simulations
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when the current stiffness is modeled with a second or third order polynomial function of
the field current and the suspension stiffness is modeled with a third order polynomial
function of the field current. All simulations and analysis have been conducted on
a practical design of the bearingless ac homopolar machine which is currently being
constructed.

The model presented in this chapter allows a control designer to accurately predict
the field excitation’s impact on the unstable suspension pole locations. The ability to
do this is crucial to utilizing the bearingless ac homopolar machine in flywheel energy

storage technology.



Chapter 6

Dual Purpose No Voltage
Winding Design for Bearingless
Motors

This chapter develops a winding design approach to create a single motor winding which
is able to produce both radial force and torque. This approach can be used to design new
bearingless motors as well as to transform conventional motor designs into bearingless
motors by simply modifying the winding end-connections. The resulting winding has
two sets of terminal connections: one for torque and one for suspension. The suspension
terminals experience no motional-EMF when the rotor is centered, which means that
the suspension drive can have a low voltage rating and that rotor vibrations can be
passively dampened by simply short-circuiting the suspension terminals. Bearingless
motors that use these so-called “dual purpose no voltage windings” can be designed to
have higher torque density and lower losses associated with the magnetic suspension op-
eration than traditional bearingless motors which utilize separate torque and suspension
windings. It will be shown that many popular winding designs, including fractional-slot
and concentrated windings, can be realized as dual purpose no voltage windings. The
proposed approach applies to traditional p + 1 pole-pair bearingless motors as well as

the bearingless consequent-pole and ac homopolar motors !

! Portions of the material in this chapter have been submitted for publication in [46].
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6.1 Introduction

Traditional bearingless motors are created by adding a p+ 1 pole-pair suspension wind-
ing to a p pole-pair motor. Both windings are fed with currents at the synchronous
frequency and the suspension current phase angle determines the force direction. This
has been widely developed for both synchronous motors, such as permanent magnet and
synchronous reluctance, and asynchronous motors [94H97]. More recently, the bearing-
less consequent pole [98] and ac homopolar motors [60], which this dissertation is pri-
marily interested in, have been proposed which use a 2-pole suspension winding. These
motors have decoupled magnetic bearing and torque functionality, enabling them to use
a dc suspension current to produce a constant direction force regardless of the rotor’s
rotation as long as the rotor has at least 8-poles.

All of the aforementioned bearingless motors rely on separate torque and suspension
windings which share the same slots. This creates a trade-off in slot space allocation
that translates to a trade-off between radial force capability and torque density: whether
the device is a “good” magnetic bearing or a “good” motor. The slot space must be
allocated to the suspension winding based on the maximum force required. Many imple-
mentations of bearingless motors, such as those with vertical shafts, require relatively
small suspension forces during normal operation and large forces during certain events,
i.e. when accelerating through a critical speed. During normal operation, such machines
effectively waste slot space which could otherwise carry torque current. Furthermore,
to create radial forces, the suspension winding carries current to cancel torque winding
current in certain slots, causing increased copper loss [99L[100]. For these reasons, there
has been recent interest in combining the suspension and torque winding into a single
winding [47,99-HI11]. Such a winding is referred to as a “dual purpose” winding in this

chapter. Efforts to create dual purpose windings have included:

1. various types of “split-windings” [L00H104,T06-I08], where the stator winding is
divided into several separate windings located adjacent to one another so that the
phase currents in each winding can be varied to adjust the airgap flux density at

different locations;

2. a “middle-point-current-injection” design [110], where suspension currents are in-

jected into certain coils in an otherwise-standard torque winding;
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3. “no-voltage” designs based around a bridge [99}[105,109] or a parallel winding
structure [IT1]; the phrase “no-voltage” refers to the fact that the suspension

terminals experience no motional-EMF when the rotor is centered.

In cases 1) and 2), the drive must overcome a motional-EMF to inject a suspen-
sion current. This requires a higher drive voltage to achieve satisfactory response times
which can lead to significant increases in the inverter cost and losses [110,[111]. On
the other hand, the terminal characteristics of the no-voltage winding approaches (case
3) are similar to that of the traditional separate winding approach in that the suspen-
sion terminals see no motional-EMF. This also means that the suspension terminals
can be short-circuited to passively provide corrective forces when the rotor is rotating
eccentrically [I05], which can be an inexpensive way to dampen rotor vibrations in
conventional machines with mechanical bearings. For these reasons, the case 3 wind-
ings, referred to as dual purpose no voltage (DPNV) windings, are seen to be at a
significant advantage to the other types of dual purpose windings. DPNV technology
is still relatively immature, with existing papers describing only specific example bear-
ingless designs [99,[105LT109,1TT], all of which utilize integral-slot windings. These days,
fractional-slot windings are often preferred over integral-slot windings because they can
reduce torque ripple, manufacturing cost, and end-turn length. In [47], fractional-slot
DPNV windings are explored, but the results only apply to bearingless consequent-pole
and ac homopolar motors. There is not currently any design method or analysis of the
acceptable combination of slots, poles, and phases to construct DPNV windings for a
general machine.

This chapter overcomes the above shortcomings by deriving DPNV winding re-
quirements and proposing a design procedure applicable to a general machine. Other
notable contributions include presenting examples of many popular winding designs,
including concentrated windings, where the end-connections have been modified to con-
struct DPNV windings; and investigating performance differences of example bearingless
motors utilizing conventional and DPNV winding designs. Because the required end-
connection modifications come at virtually no penalty in terms of machine performance
or cost, the results of this chapter will be useful to bearingless motor designers looking
for complete magnetic levitation as well as designers of conventional motors looking to

suppress rotor vibrations while still utilizing mechanical bearings.
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In this chapter, Section introduces the DPNV winding concept; Section
describes the chapter’s use of the phasor star and defines terminology necessary for
understanding the derivations; Section derives the DPNV winding requirements;
Section proposes and describes a DPNV winding design procedure; Section uses
FEA results to validate the DPNV winding concept—example bearingless motor designs
are explored and compared using both DPNV windings and conventional bearingless
windings; Section [6.8 summarizes relevant fractional slot winding theory. Nomenclature
used throughout the chapter is defined in Table

6.2 Dual purpose no voltage windings

As described in the introduction, bearingless radial-flux motors can be classified into two
categories as follows: ps = p £ 1 (bearingless versions of traditional motors) and ps = 1
(bearingless consequent-pole and ac homopolar motors); the operating principles for
each can be found in Chapters 7 and 14 of [56] and are briefly described in Section
The stator winding for any category of a bearingless motor is responsible for generating
two airgap flux densities: a p pole-pair field for torque production and a p, pole-pair field
for suspension force production. While conventional bearingless motors use separate
windings (and therefore separate coils) for creating each field, the DPNV windings
described in this chapter use a single winding (the same coils) for creating both fields.

The defining features of a DPNV winding can be summarized as: 1) using the same
coils to construct a p pole-pair torque MMF and a ps pole-pair suspension MMF; 2)
having suspension terminals which connect to the same coils as the torque terminals, but
with half of the coils’ direction reversed so that these terminals experience no motional-
EMEF. Two different styles of drive connection have been proposed to interface with a
DPNV winding. The first is the bridge configuration, shown in Fig. [6.1al This was
proposed in [109] with further development in [99,[105]. It features coils connected in
a manner resembling a wheatstone bridge and uses isolated single-phase inverters to
inject currents into the suspension terminals. The second is the parallel configuration,
proposed in [I11] and shown in Fig.[6.1bl Here, the suspension winding terminals appear
as a virtual “neutral” for the motor winding, meaning that the suspension inverter must

also carry half of the motor current, and non-isolated multi-phase inverters are used to
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Table 6.1: Chapter nomenclature

ki n, ks p

L

Qph
Q/
Q*

*

ph

Zc

Winding phase angle, = 360/m, 180/m for normal and reduced
phase machines.

Phasor angle of slot i coil-side at frequency h.
Electrical angle at the sus., torque frequency.

Angular separation between slot phasors of adjacent slots at
frequency h, = h x 360/Q).

Harmonic index or electric frequency.
Torque, sus. winding factor at frequency h.
Number of winding phases.

Reduced denominator of q.

Set of natural numbers.

Set of even natural numbers.

Set of odd natural numbers.

Pole-pairs of the torque, sus. winding.

Number of pole-pairs before torque magnetic conditions repeat
for a slot, = p/t.

Pole-pairs in a torque base winding.

Slots per pole per phase, = z/n.

Number of stator slots.

Number of slots separating adjacent phases.

Number of phasors in the torque phasor star, = Q/t.

Number of slots in the torque base winding.

Number of slots separating adjacent phases in a base winding.
Greatest common divisor of @) and p.

Coil span, specified as a number of slots.

Reduced numerator of q.

Number of stator coils.
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Figure 6.1: Drive connections of the two styles of DPNV drives for use with p+ 1 and
consequent-pole bearingless motors. Modified diagrams are shown in Fig. [Z.3] for the
bearingless ac homopolar motor.

inject currents.

An example machine with a DPNV winding is shown in Fig. The slot current
direction and airgap MMF are indicated in Fig. and [6.2B] when the coils are ex-
cited with current from the torque and suspension terminals. The airgap field when a
radial force is being produced is shown in Fig. Every inductor symbol in Fig. [6.1]
represents a group of coils, denoted by the subscript a-d for each phase. For this simple
example, each coil group consists of only a single coil, which is indicated in Fig. [6.2dl
for phase u.

A coil group can be modeled as shown in Fig.[6.2el where the voltage source represents
the sum of the motional-EMF and coupling with other coil groups. The DPNV winding
is designed so that the voltage source magnitude and phase are equivalent for groups a
and b and groups ¢ and d. In both connection styles, the voltage sources cancel from the
suspension terminal perspective, which results in the no-voltage characteristic. However,
in the parallel connection, a voltage drop across the RL branch due to suspension current
appears at the torque terminals, which is minimal if the machine is designed with low
leakage inductance. To obtain these characteristics, careful winding design is needed.

This chapter derives generalized design requirements and a procedure, presented in
Sections [6.4] and
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Figure 6.2: Example DPNV winding for a PM motor with Q@ = 12, p = 2,ps, = 1
(a), (b) slot current direction and phase u MMF when positive current is flowing into
the torque or suspension terminals; (c) the airgap field when excited with z-force pro-
ducing suspension current and no torque current; (d) the winding schematic with phase
u terminal connections labeled (‘+’ terminals correspond to the dotted terminals in
Fig. 6.1)); (d) equivalent model of a coil group.
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6.3 Winding design theory and properties

This chapter relies heavily on fractional-slot winding design theory and a summary of
the relevant details and terminology can be found in Section This section describes
how the chapter utilizes various concepts of this theory as well as important properties

of bearingless motors.

6.3.1 Phasor star diagram

The phasor star, or star of slots, is a diagram that indicates the phasor of a particular
harmonic of EMF that would be induced in each coil-side if the airgap contained a ro-
tating sinusoidal radial flux density at that harmonic frequency. An example is shown in
Fig. The individual phasors of the star are termed “slot phasors” and are numbered
to indicate the slot where the coil-side is located. Separate phasor star diagrams are
constructed for each frequency of interest. For the fundamental frequency, there will be
t phasors at each angular location and therefore ¢ levels to the phasor star. The winding
factor for a particular harmonic can be calculated from that hamonic’s phasor star by
(610, for a phase consisting of N coil sides. The electrical frequency is the frequency
of the harmonic of interest (for the fundamental frequency, h = p). Coils are made up
of two coils-sides: one connected in a positive direction and one connected in a reverse
direction. When coils are placed in the final winding, individual coils may be connected
in reverse. For coil-sides connected in reverse, o p 18 rotated by 180° when used in ([6.1).

The phasor star is always drawn without regard to the connection direction.
1 N
_ Jjag,
ky = abs (N;e h) (6.1)
1=

To simplify the case of a double-layer winding, all coils are assumed to span the same
number of slots and the returning coil-side is neglected from the phasor star, meaning
that only a single phasor is drawn for each slot. The terms “slot phasor” and “coil
phasor” are used interchangeably when referring to a double layer winding. The only
effect this has on the analysis is that the winding factor calculation of (6.]) is redefined

as being the winding distribution factor (where N is redefined as the number of coils).
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Figure 6.3: Phasor and connection star diagrams for the winding of Fig. 6.2} the torque
phasor star has 60° phase belts drawn. The phasor numbers indicate the coil-side slot,
with negative numbers for coil sides connected in reverse.

To calculate the total winding factor, the distribution factor is then multiplied by a

pitch factor.

6.3.2 Key terminology

The torque and suspension frequencies are defined as the fundamental frequencies of
the torque and suspension windings, which is equal to p and ps. A torque or suspen-
sion phasor is a slot phasor drawn at the torque or suspension frequency. The terms
torque phasor, suspension phasor, and slot phasor always indicate a coil-side’s pha-
sor without regard to the connection direction (without the 180° rotation for reverse
connections). The torque and suspension winding factors are calculated assuming that
only the torque or suspension terminals are present. The winding phase angle oy, is the
angular separation of winding phases. Torque and suspension phasor stars are phasor
stars drawn at the torque and suspension frequencies. A winding connection star is a
phasor star redrawn to take into account the connection direction of the coil-sides in
the final winding. Torque and suspension connection stars are drawn for the torque or
suspension terminal connections at their fundamental frequency (p or ps, respectively)
unless otherwise indicated. The individual phasors of the connection star are referred

to as connection phasors. These concepts are illustrated in Fig
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6.3.3 Winding layout techniques

Winding layout techniques are used to assign the coil-side direction and to assign the
coils to each phase. The two most common techniques are referred to as the zone
diagram and phasor star approaches. The zone diagram is often used for laying out
single layer windings because it typically results in a more even distribution of coil
groups and therefore more satisfactory harmonic content and end-connection length.
The phasor star approach can be used for both single and double layer windings, but is
most popular for double layer windings. In this approach, phase bands, typically with
an angular width of 180°/m, are drawn on top of the phasor star to assign coils to each
phase. An example of this is shown in Fig. More information on both approaches
can be found in Chapter 2 of [76]. Restrictions on these approaches for DPNV windings
are considered in Section

6.3.4 Relevant bearingless motor and DPNV winding properties

Relevant properties are summarized in the following paragraphs that are used through-
out the chapter.
The radial flux bearingless motors considered have co-prime values of p and p;.
From Fig. it is seen that windings used in the bridge configuration must have a

multiple of four coils per phase,

Zc
= = 4k. 2

Windings used in the parallel configuration must have a multiple of two coils per phase,

Zc
— = 2k. .
o (6.3)

Combining (6.2)) and (6.3 with (6.22) - (€21 of Appendix[6.8] it can be shown that
(64) is true for all DPNV windings.

eN (6.4)

SERS

Fractional slot winding definitions and calculations (i.e. ¢, t, @', classification as

first- or second-grade winding, etc.) are all based on the torque frequency.
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Table 6.2: DPNV winding symmetry requirements derived in Section

Standard [76] ze/m €N
m and n must be co-prime

New p and m must be co-prime
ps and m must be co-prime

6.4 Winding design requirements

Realizing the features of a DPNV winding imposes restrictions on the acceptable com-
binations of the number of stator slots (), phases m, motor pole-pairs p, and suspension
pole-pairs ps. These restrictions are now investigated using fractional-slot winding the-

ory and the necessary results are summarized in Tables [6.2] [6.3] and

6.4.1 Symmetry requirements

Standard winding symmetry conditions that must be met to obtain a symmetric torque
winding are summarized in the first two rows of Table

Since the torque and suspension terminals connect to the same coils, the phase
that a coil-side is assigned to when designing a torque winding will remain the same
when viewed from the suspension terminals. For this to result in a symmetric winding
from the suspension terminal perspective, there must exist pairs of slot phasors which
are separated by a multiple of the winding phase angle ap, at both the torque and

suspension frequencies. This requirement can be written as

bopn = O‘Z@Qph
360

= ps? [Q;h + Q"] (6.5)
where b is an integer which must be co-prime with m to obtain unique phase angles; ¢
is an integer for a normal phase machine and an integer multiple of 1/2 for a reduced
phase machine. It can be shown that suitable values for b and ¢ can only be obtained
when both ps and p are co-prime with m. Note that this means that reduced phase
machines can only result in symmetric DPNV windings for the consequent pole and ac

homopolar bearingless motors.
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Table 6.3: DPNV winding no-voltage requirements derived in Section

First-grade Second-grade

Layers Single  Double || Single Double

Parallel 2eN £eN|leN LeN
configuration

Bridge 2eN f£eN|teN teN
configuration

Table 6.4: DPNV winding suspension winding distribution factor requirements derived

in Section [6.4.3]

Defining features® Requirement?

Type 1 Identical torque, P € Neven
opposing suspension

Type 2 Opposing torque, P € Nodds Ps € Neven
identical suspension

Type 3 All other cases pENogq, ps=1,t>1

“The features are given in terms of the phasor behavior, shown in Fig.
bWindings must also meet the requirements summarized in Tables and

6.4.2 No voltage requirements

For the DPNV winding to have no motional-EMF present at the suspension terminals,
the suspension winding factors must be zero at the torque frequency and its harmonics.
This is achieved by reversing half of the coils’ direction for connection to the suspension
terminals and can be illustrated through the torque connection star. In this diagram,
there needs to be an even number of phasors present at each angular location so that
half of the phasors can be rotated 180° (by reversing the direction of half of the coils)
to cancel the non-rotated phasors. In order to obtain these phasors in the torque
connection star, necessary limitations on @), m, and p are now considered. Furthermore,
it is also necessary that the phasors which are to cancel each other belong to different
coils in the same phase; this restricts the winding layout approach and is considered in

Section Symmetric windings are classified as being either first or second grade
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(see Appendix [6.8) and requirements for each of these types are considered separately.

First-grade windings

These windings produce torque phasor stars that have slot phasors in 180° pairs. When
the torque connection star is drawn, each base winding will have two identical torque
phasors at each angular location. In other words, the base winding automatically sat-
isfies the no voltage condition and the designer must only make sure that the winding
has enough coils. Using ([6.26) and ([©.27) in (6.3]) and (6.2]), the requirements can be
obtained, as summarized in Table

Second-grade windings

The torque phasor stars produced by these windings do not contain phasors in 180°¢
pairs, which means that a base winding must repeat an even number of times to satisfy
the no voltage requirement. Doing so guarantees an even number of coils per phase,
satisfying the parallel configuration’s coil requirement. Since the number of coils per
phase of second-grade base windings is odd, the bridge winding further requires that the
base winding repeat a multiple of four times. Single layer second-grade base windings are
twice the length of their double-layer counterpart, doubling ¢. The result is summarized

in Table B.31

6.4.3 Non-Zero suspension winding distribution factor

In addition to canceling the motional-EMF (Section [6.4.2]), reversing the direction of
half of the coils must also result in a non-zero suspension winding factor. Windings
where this is possible can be grouped into three categories based on their slot phasors,

as follows:

1. For each slot, there exists a corresponding slot which has an identical torque

phasor and a suspension phasor which is 180° out of phase, see Fig. [6.4al

2. For each slot, there exists a corresponding slot which has a torque phasor 180°¢

out of phase and an identical suspension phasor, see Fig. [6.4D]
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e ——— — ——
Torque frequency Suspension frequency

(a) Type 1 slot phasor transformation

Torque frequency Suspension frequency

(b) Type 2 slot phasor transformation

+ —

- - - + o+ o+ - +
—_

Torque frequency

Suspension frequency

(c) Type 3 slot phasor transformation

Figure 6.4: DPNV winding type classification. Winding phasor star diagrams drawn at
the torque and suspension frequencies to depict the slot phasor behavior that defines (a)
Type 1, (b) Type 2, and (¢) Type 3 windings. Note that the phasor stars are incomplete
and only depict the relevant slot phasors. In (c), the — and + signs are used to keep
track of the transformation of the two groups of slot phasors.

3. The slot phasors do not meet Type 1 or Type 2 conditions but the winding can
still be configured to produce a non-zero suspension MMF, see Fig. [6.4d
Requirements of each of these types of windings is summarized in Table [6.4] and
derived below.
Type 1

Two slot phasors displaced by a specific multiple of 360° at the torque frequency must
be displaced by an odd multiple of 180° at the suspension frequency,

ks x 180 = 22/ x 360 (6.6)

where h; is the integer number of pole-pairs between the identical torque phasors that
allows an integer ks and must be less than p; ks represents the number of suspension
poles between the 180° suspension phasors and is therefore an odd integer less than 2p;.

Since pshy is an integer, p must be restricted to ([6.7)). Equation (6.6]) can be solved for
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hy (@3).

geN (6.7)
ks p

hy = =2 )

! Ds 2 (6.8)

Since p and ps are co-prime, ks = ps and therefore hy = p/2. This means that a slot

must exist every hq pole-pairs, requiring
h
p—i eN. (6.9)

Using the values of p* from Table [6.8] it can be shown that any first-grade and double-

layer second-grade winding requires
t
3 eN (6.10)

while any second-grade single-layer winding requires

t
—-eN. 11
1€ (6.11)

It can be seen from ([6.23]) and (6.10) that any first-grade winding satisfying (6.7]) will be
a Type 1 winding. Any second-grade winding satisfying the requirements of Table
will satisfy (G.10]) or (611]) and, it can be seen from (6.25]), will satisfy (6.7]) and therefore
be a Type 1 winding. In summary, any winding that meets the no-voltage requirements

and has an even number of pole-pairs will be a Type 1 winding.

Type 2

Two slot phasors displaced by a specific odd multiple of 180¢ at the torque frequency

must be separated by a multiple of 360° at the suspension frequency,
K. x 360 = %hg x 180 (6.12)

where k£, is the number of pole-pairs between the identical suspension phasors and must
be less than pg; ho is the number of poles separating the torque phasors and must be
an odd integer less than 2p. This can be re-written as

2k,
N Ds

hs p. (6.13)
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Since p and p, are co-prime and hs is odd, it is required that:

p € Noaa (6.14)
Ps € Neven (6.15)

which results in k. = ps/2 and hy = p. In addition to this, the torque phasor star needs
to have 180° torque phasor pairs present, which means the winding must be a first-grade
winding. In fact, first-grade windings are the only windings that can meet both (GI4])
and the no-voltage conditions of Table [6.3} this can be seen from (6.4)) and Table [6.8],
which indicate that a second grade no voltage winding will have ¢t € Negyen, which is not
possible when (6.14) is true.

In summary, any no-voltage winding that satisfies (6.14]) and (6.15]) will be a Type

2 no-voltage winding.

Type 3

The remaining windings have

p € Noad (6.16)
Ps € Noda (6.17)

which corresponds to the case of a bearingless consequent pole or ac homopolar motor
when p € Nygq. These are first-grade windings and will therefore have ¢ € Nygq due to
(616), torque phasors separated by 180°, and may have torque phasors separated by
360° if ¢ > 1. Slots which have torque phasors separated by multiples of 180°, will have

suspension phasors separated by

as = ' x 180 (6.18)
where ' is the number of poles between all torque phasors displaced by multiples of
180°¢. Since 180° phasors occur every p’ poles, h’ will take on values of all integer

multiples of p’ less than 2p. The resulting suspension angles will be

ol = k’@, K =1,.,2t—1. (6.19)

Therefore, to have a non-zero suspension winding factor after half of the phasors have

been rotated 180°, it is required that

t>1. (6.20)
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6.4.4 Layout requirements

In the case of Type 1 windings, the no-voltage requirement is satisfied between the
different base windings. For any winding with Q* = @Q’, this means that stator slots can
be assigned using any winding layout approach that realizes the minimum base winding
length Q*. For second grade, single layer windings (where Q* = 2Q’), the layout
approach must guarantee that adjacent phases are repeated with a slot separation of

;h, which the zone diagram approach guarantees, but the phasor star approach does
not.

In Type 2 and Type 3 windings, the no-voltage requirement is satisfied within a single
base winding by the inclusion of 180° separated torque phasors in the same phase. The
phasor star approach with 180°/m phase belts guarantees that these phasors will be
present in the same phase, while the zone diagram approach does not. Therefore, the
phasor star approach is recommended for both single and double layer windings when

the winding type is 2 or 3.

6.5 Winding design procedure

The design procedure proposed here is intended to enable the designer to modify a
conventional motor winding to function as a DPNV winding. It is assumed that the
designer will specify the number of motor poles and phases required which complies with
Table To transform an existing winding design into a DPNV winding, the designer
should first verify that the winding satisfies the requirements of Tables [6.2] [6.3] and
and then skip ahead to Section [6.5.3]

6.5.1 Table of permissible windings

It is recommended that the designer construct a table of permissible designs that meet

their torque winding requirements. To do this, the following procedure is proposed:

1. Table is used to determine acceptable values for p,.
2. A list of potential values of n is created using (6.4)).

3. For each value of n:
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Figure 6.5: The design steps of Section [6.5.3] applied to two example DPNV winding
entries in Table

(a) the winding grade is determined from Table [6.8}

(b) t is calculated using ([6.23) or (6.25);

(c) for a second-grade winding, ¢ is checked against Table [6.3t for a Type 3
winding, t is checked against Table Any values of n which fail are

removed.
4. Permissible values of z are determined by requiring that z and n are co-prime.

5. Acceptable values of ) are found using (6:22]) and (6.24]). For first grade windings,
Q is checked against Table [6.3
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6. The results are compiled into a table with rows for each (Q value; i.e. see Table[6.5]

discussed later.

6.5.2 Select coil span

The effect of coil span should be carefully considered. When all coils have the same
span, the pitch factor is (6.21])

kpp = sin(h%) (6.21)

where «, is the angular pitch of each coil [76]. Maximizing the coil pitch factor for
the torque frequency may result in a low value at the suspension frequency and an
unacceptably low suspension force rating. This is especially true when the relative
difference in the two frequencies is very large, i.e. when p is small or when p; = 1. The
pitch factor may also be used to prevent harmonics that would otherwise create force
ripple. The design in Section is significantly constrained and will often result in
large suspension winding distribution factors for h # ps which can be suppressed by

kp h-

6.5.3 Design each winding in the table

For each entry in the design table generated in Section [6.5.1] the designer should perform
the following steps.

First, the layout should be conducted for the torque winding. Section should
be used to select a layout approach.

Second, the torque connection star of a single phase should be drawn at the suspen-
sion frequency and half of the connection phasors should be selected to rotate 180¢ (the
coils to reverse for connection to the suspension terminals) in a way that 1) cancels all
phasors at the torque frequency and 2) results in a non-zero suspension winding distri-
bution factor. The approach to doing this is described below for each of the winding
types defined in Table

Finally, the designer must assign the coils to coil groups a-d, depicted in Fig.
Groups a and ¢ should only contain coils which have been reversed for connection to the

suspension terminals. Furthermore, the vector sum of the torque connection phasors of



98
groups a and b must be equivalent and groups ¢ and d must be equivalent. For parallel

drive connections, groups ¢ and d need not exist.

Type 1 and Type 2

The results of Section [6.4.3indicate that any 180° band of connection phasors (from each
phase of the torque connection star drawn at the suspension frequency) can be selected
for rotation. The angular separation of the connection phasors is not guaranteed to be
uniform, meaning that in some cases selecting one 180° band over another will result in
more optimal suspension winding distribution factors. An example of the design steps

applied to these types of windings is shown in Fig.

Type 3

The results of Section [6.4.3]indicate that unlike Type 1 and 2 windings, an arbitrary 180°
band of torque connection phasors cannot be used for rotation. From (6.19)) and noting
that ¢ € Nygq, it can be shown that the resulting torque connection star (drawn at the
suspension frequency) will consist of 2t phasors at ¢ equally spaced angular locations,
as shown in Fig. From this star, acceptable combinations of torque connection
phasors can be identified and rotated to cancel the motional-EMF and create a non-zero
suspension winding factor. If the torque phase connection star contains phasor groups
rotated af # 180°, each of these phasor groups will result in additional suspension
phasor groups as shown in Fig. [6.6bl Type 3 windings use suspension current in an

especially inefficient manner, as the MMFs of some coils end up canceling each other.

6.5.4 Design selection

The designer must now select the final winding to use. To do this, it is recommended to
add performance metrics as columns in the table generated in Section Common
metrics have been added to Table These include the ratio of ks, to k:,, which
predicts how effectively the machine uses current to produce radial forces, and results
obtained via FEA: the rated average force along an axis (i.e. (F}) for an z-axis force),
the normalized maximum deviation from the average of the force waveform along the

principle axis (i.e. AF,/(F,)), and the normalized maximum value in the force waveform
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Torque phasor star

Torque phase connection star
drawn at h = ps =1

(a) Single set of torque phasors displaced by 180°

-
|
»

-8
orque phasor star Torque phase connection star
drawn at h = ps =1

(b) Multiple sets of torque phasors displaced by 180°

Figure 6.6: Example single phase Type 3 winding diagrams when ¢ = 3

along an axis orthogonal to the desired force direction (i.e. AFy,/(Fy)).

6.6 Validation of DPNV winding design

FEA and experimental results are now used to validate the DPNV concept. This is
done by considering several designs based around popular motor windings: first as
transformed DPNV windings and second with conventional (separate) suspension wind-
ings. Finally, experimental validation of the DPNV concept is presented through results

from a hardware prototype of a bearingless ac homopolar motor.

6.6.1 Survey of various DPNYV designs

Performance parameters calculated with FEA for several example bearingless motors
are summarized in Table Each of these DPNV windings was designed using the
procedure proposed in Section To make an accurate comparison between designs,
several parameters were normalized, as specified in Table [6.6, using slot dimensions
defined in Fig. Concentrated slot windings are in bold and indicated by y = 1.

The quality of the designs varies significantly in terms of force ripple and capability.



Table 6.5: Example winding design table@

5,Ps x/ C x A
p b | Q|a|y| G || e | w8 | w gl
p £ 1 bearingless motors

1 6 |12 1 P | 11.5/86 | 45 /4 | 44/ 2
12 2|5 0464 | BP | 59/42 | 62/3 | 52/2

2 6 [2|1|/0577| P |9.3/5.6 |16 /11|15 /14
12[1(3| 05 | BP| 90/56 | 26/3 | 21/2
1824|0501 | P | 98/60 | 13/1 | 14/0
24 | 2|6 0513 | BP | 104/6.3 | 10/ 1 9/1

4 12| 7 |1/0.789 | BP | 5.1/4.0 | 6 /4 9/5
18 | 2|2 1 P | 66/52 | 22/2 | 20/1
24 | 1(3|0604 | BP | 41/32 | 31/1 | 25/1
36 |3 |4]0707 | BP | 48/38 | 20/0 | 20/0

5 12| 2|1|0.804 | BP | 2.7/1.3 [ 30 / 26 | 33 / 29
1821|0839 | P [3.0/15| 9/5 8 /2
30/1|3]0616 | P | 23/1.1 | 4/0 | 49/0

ps = 1 bearingless motors

4 12 | 1 |1|0.211 | BP | 3.5/4.2 | 48 / 40 | 53 / 41
1822|0305 | P | 55/66 | 15/11 | 13 /11
24 | 13| 025 | BP | 47/57 | 13 /11 | 17 /12
36 |3 |4]0216 | BP | 40/50 | 13 /11 | 12 /11

100

?All designs have m = 3 and are double layer. Several of the winding layouts are depicted in Fig. [6.2]

6.5 and [6.8bl

Configurations that are supported: ‘B’ for bridge, ‘P’ for parallel.
AF,

c(Fz) AFz

Y

Len * (Fz)’ (Fz)

are specified as Square/Sine.

Len

is in units of =X

mm
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Table 6.6: Model parameters for designs in Table

pt1l ps =1
A, (A/mm)? 40 20
By (T)? 0.6 0.2
b1 /7 0.15 0.15
Wy Jws 0.85 0.85
tps (mm) 1.25 1.25
Airgap Length (mm) 2 2
Airgap Radius (mm) 53 53
Laminations Hiperco 50A | M19

“Linear current density at the torque frequency
"Magnitude of magnetizing airgap flux density at the torque frequency

Machines with less harmonic content in the magnetizing field (‘sine’ data points, ex-
plained below) have much less force ripple, which indicates that careful optimization of
the machine geometry (slot opening, tooth thickness, pole pitch, etc.) will yield large
improvements in machine performance. Modeling details specific to the two types of

bearingless machines are as follows:

p £ 1 designs

Transient 2D, non-linear FEA was carried out on surface-mount PM machines with
full pitch magnets. Both radially and sinusoidally mangetized PMs were considered,
referred to as “square” and “sine” rotors. This represents a worst and best case scenario
for unwanted airgap flux density harmonics, and gives an indication of the range of force
ripple that a given winding may achieve. To obtain the magnetic loading specified in
Table 6.6, the sinusoidally magnetized PMs are substantially thicker than the radially
magnetized PMs (approx. 5.8mm vs 2.7mm). These thicker magnets have the effect of
decreasing the armature reaction flux density, which results in lower rated radial forces.

Fig. shows an example of the flux density distribution for these two cases.
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(b) 3D FE models for Q = 12 ac homopolar winding design

Figure 6.7: FEA models. The left-most images correspond to “square” rotors and the
right-most to “sine” rotors.

ps = 1 designs

Static 3D non-linear FEA was carried out on ac homopolar machines where the rotor’s
angular position was swept. Only 8 pole designs were considered as this is the most
common implementation. Two rotor structures were used to change the harmonic con-
tent of the magnetizing flux density: a “square” rotor (square airgap length profile)
and a “sine” rotor (inverted sinusoidal airgap length profile), see Fig. [6.7bl The airgap
has the same minimum length (specified in Table [6.6]), which requires a greater field
excitation to be used with a sine rotor to obtain the same B,, ; value. This resulted in
the sine rotor having a greater circulating homopolar flux and therefore a greater force
capability. However, note that from a motor design perspective, the sine rotors are at a
disadvantage because the machine has to carry greater flux to achieve the same torque

as the square rotors.
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Figure 6.8: Design information for the QQ = 12, p = 4, ps = 5 entry in Table

6.6.2 Detailed study of ) =12, p =4, p, =5 DPNV winding

The square rotor design from Table is now studied in more detail. The winding
layout is shown in Fig. [6.8D] and terminal voltage waveforms are shown in Fig. As
expected, the suspension terminals do not experience any voltage due to the rotor’s
rotation or the torque terminal current; under rated suspension current, a suspension
terminal voltage appears due to the RL branch of each coil group (Fig. [6.2€]). The
parallel configuration’s torque terminals see a voltage due to these same RL branches
(described at the end of Section [6.2]) which may need to be accounted for in the motor
drive if the designer is unable to sufficiently reduce it.

Next, the impact of the slot opening and tooth thickness was considered for three
operating conditions: 1) no stator currents; 2) rated torque, no suspension current; and
3) rated suspension, no torque current. The ratio of the tooth thickness to slot width was
swept to obtain designs with varying degrees of tooth staturation, as shown in Fig. [6.8cl
In all resulting designs, the suspension terminals never exhibit any voltage for cases 1
and 2. For case 3, the peak suspension terminal voltage of the parallel configuration is
plotted as a function of slot opening and tooth thickness on the left side of Fig.
This voltage exhibits a large dependence on the slot opening, but less dependence on

the tooth thickness, indicating that tooth-tip leakage inductance is the primary cause.
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Figure 6.9: FEA voltage waveforms for the @ = 12, p = 4, p, = 5 DPNV example. V,
corresponds to the torque phase u terminal voltage, V, corresponds to the suspension
phase u terminal voltage, and “V,,: no load” corresponds to the torque phase u terminal
voltage observed with no stator currents.

The impact of tooth thickness and slot opening on the force ripple (case 3) and torque
ripple (case 2) is also shown in Fig[6.I0l Increasing the slot opening decreases the force
ripple at the expense of increasing torque ripple.

Finally, cross-coupling between force and torque production is investigated by solving
the models under the following currents, specified as a fraction of rated current: 1) 75%
torque, 25% suspension; 2) 75% torque, no suspension; 3) no torque, 25% suspension.
The torque ripple and force ripple difference between case 1 and cases 2 or 3 are plotted
in Fig 611, where very little difference in performance is observed. The results of
this section indicate that this DPNV winding example functions well under various load
conditions and that design optimization can be conducted to minimize problems of force

ripple and suspension terminal voltage.

6.6.3 Comparison to conventional bearingless windings

Several DPNV designs from Table were redesigned with conventional bearingless

windings and their performance evaluated using FEA. In all cases, a square rotor is
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Figure 6.10: FEA results for the Q = 12, p = 4, p; = 5 DPNV example design per-
formance when the slot opening and tooth thickness are varied; A7/(7) indicates the
normalized torque ripple.
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Figure 6.11: FEA results evaluating the machine performance during simultaneous force
and torque production. Fj . is the x radial force produced with simultaneous torque
and 7, is the torque produced with simultaneous x force.

used, the double layer winding of the DPNV design becomes the torque winding, and a
new suspension winding is added to the same slots. The resulting designs have three or
four winding layers depending on whether a single or double layer suspension winding is
used, whereas the DPNV windings had only two layers. To enable a direct comparison,
the new designs have the same dimensions with the exception that 75% of the slot space
is now permenantly allocated to the suspension windings, reducing the torque winding
turns and therefore the machines’ rated torque to 75% of the value of the DPNV designs.

The results from this study are presented in Table Concentrated-slot designs are
again indicated in bold. The difference in force ripple between conventional or DPNV
windings for a design largely varies on a per-design basis, with each winding approach
outperforming the other in certain designs. Many designs with conventional windings
feature higher k; ,_/k:, ratios, indicating that they would have higher suspension force
capabilities if the entire slot space could be allocated to the suspension winding. How-
ever, this is not possible since the machine must also be able to produce the required
torque. In the Q = 6, p = 2 example, the double layer suspension winding is actually
identical to the DPNV design (from the suspension terminal perspective).

The winding layouts for the Q@ = 12, p = 4, p; = 5 design are shown in Fig. and
voltage waveforms are shown in Fig. These results can be compared to the DPNV
waveforms for the same design in Fig. Since the number of turns of the torque
winding is reduced from the DPNV winding, the torque terminal voltage magnitude
is also reduced. The single layer suspension winding has non-zero winding factors at

multiples of the torque frequency, and therefore its suspension terminals experience a



Slot |1 2 3 4 5 6 7 8 9 10 11 12
Ll v v w -wv v v -u w -wov -v
2 |-wv v u v w -wv v u -uw
L3 | v v v v w -ww -wov v v
(a) With single layer suspension winding
Slot |1 2 3 4 5 6 7 8 9 10 11 12
Ll v w w -wv v v -u w -wov -v
2 |-wv v u v w -wv v u -uw
L3 | v - v v w - v v v -ww

L4 |« o -0 -«ww « -« -0 v w

(b) With double layer suspension winding
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Figure 6.12: Slot coil sides in each stator winding layer for the example Q = 12, p = 4,
ps = b design with conventional bearingless windings. The coil sides for the torque
winding are in the first two layers and are the same as the DPNV winding shown in
Fig. [6.80l The ’ labels indicate suspension coil sides.

Voltage

Figure 6.13: Voltage waveforms for @)
suspension windings when operated at rated torque and no suspension current.
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motional-EMF (unlike the DPNV winding).

The conclusion of whether a DPNV winding is advantageous over a conventional
winding must be made on a per-design basis. The primary benefits of a DPNV winding
can be summarized as: 1) allowing the drive to dynamically allocate the fraction of the
slot current used for torque or suspension forces and therefore enabling greater maximum
torque or suspension forces; 2) reducing the number of winding layers to what is needed
by the torque winding—this reduces manufacturing complexity and increases the winding
packing factor; 3) potentially reducing copper losses—this has been shown in [99,100] to
be true for specific example designs. However, certain combinations of slots, poles, and
phases do not work for DPNV designs and other combinations may yield unacceptably
high force ripple or low force rating. Furthermore, in designs with constant radial
forces, there is less value in being able to dynamically allocate slot current between the
suspension and torque operation. The DPNV winding approach is most advantageous
in designs with one or more of the following criteria: 1) the suspension forces are
intermittent or variable, 2) the resulting DPNV suspension performance is similar or
equivalent to what would be obtained with a conventional bearingless winding (i.e. the
@ = 6,p = 2 entry in Table [6.7]), 3) mechanical bearings are used and the suspension

forces will provide vibration suppression.

6.7 Conclusion

DPNV windings use the same coils to produce both torque and radial suspension forces
and thereby offer a solution to a major obstacle in the wider adaptation of bearingless
motor technology: low torque density. This chapter significantly advances the state-of-
the-art of DPNV winding technology by deriving the design requirements and proposing
a generalized design approach which can also be used to transform existing motor designs
into bearingless motors by simply modifying the end connections. Such modification
comes at no extra machine cost, requires no redesign effort, and can be used to passively
provide corrective forces with no additional drive circuitry.

Fractional-slot winding theory has been used to explore the DPNV winding concept
and an FEA study was conducted to validate several example designs and contrast the

resulting performance with conventional bearingless windings. It was shown that the
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Table 6.7: Examples of separate suspension Windingsﬁ

pops | Qla o] B Lo | B 55| n ot
p £+ 1 bearingless motors
1 26|31 1 1|26 | 53 54
6 |51 1 2 | 28 | 44 45
2 1|6 |1]3|1155 |1 |51 | 16 14
6 |1|1|0577| 2|27 15 15
18 3] 9| 1015 | 1|51 4 4
4 5|12|2|1(0966| 1 |16 | 10 6
1221|1077 |2 18] 5 4
36 | S - 10997 | 1] 17 3
36 230977 | 2| 1.7 1
5 4122 |1/0928| 1|08 27 23
12 (1| 1[0928| 2|08 ]| 29 28
18 |2 -] 1286 | 1| 1.2 8 9
1821 /0839 (2|08 12 10
4 1 |36|2]18]0991 | 1 | 47 3 3

“All of the information in this table pertains to the suspension winding; the torque windings are the
same as those in Table

b_ is used for single layer windings which have coils with varying pitch

‘Number of layers of the suspension winding.
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benefits of DPNV windings vary on a per-design basis, with applications with intermit-
tent force requirements seeing the greatest benefit. Finally, experimental validation is

presented via a prototype machine in Chapter Bl

6.8 Fractional-slot winding theory

Relevant fractional slot winding information is provided in Table and several stan-
dard terms are defined below. More detailed information can be found in textbooks
such as [70].

6.8.1 Key terms

Base winding

smallest independent section of a winding. Symmetric windings consist repeated base
windings.

First grade and second grade windings

defined based on the properties in Table All symmetric windings can be classified
as either first or second grade (integral-slot windings are considered first-grade since
n=1).

Normal phase machine

machine with m € Nggq.

Reduced phase machine

machine with m € Ngyen.

6.8.2 Useful relations

For the purposes of this chapter, it is useful to note that if a designer picks n,m,t, and

z they will arrive at the number of poles and slots given by ([6.22) and (6.23]) for first



Table 6.8: Relevant fractional-slot winding information [76]

First-grade Second grade
% Even Odd
n Odd FEven
180° phasors?® Yes No
Single layer Double layer
Q" Q' 2Q' Q'
p* P 2p' p

“whether the phasor star contains phasors in 180° pairs

grade windings

Q =2miz

p=mnt

and ([6.24]) and (6.25]) for second grade windings.

Q = mtz
_nt
P=7

In single layer windings, the number of coils is
Ze = —

2

and in double layer windings, the number of coils is

zZe = Q.
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(6.24)

(6.25)

(6.26)

(6.27)



Chapter 7

Dual Purpose No Voltage Drives

for Bearingless Motors

This chapter investigates the power electronic implementation of drives for bearingless
motors with DPNV windings. The results are valid for conventional p41 pole-pair bear-
ingless motors (i.e. bearingless permanent magnet and induction motors) and p = 1
bearingless motors (bearingless ac homopolar and consequent-pole motors). The advan-
tages and disadvantages of each configuration are explored in terms of control complexity
and required hardware; potential paths for circulating currents are identified along with

mitigation strategies

7.1 Introduction

Literature on DPNV bearingless windings has focused on winding design and proof-of-
concept prototypes. To date, there has been no detailed analysis on the use of power
electronics to implement these drives. The primary contribution of this chapter is
to investigate practical aspects of implementing bridge and parallel configurations of
DPNV drives using two-level, three-phase and single-phase inverters. In this chapter,
Section [Z.2 provides an overview of the operation of the different types of bearingless mo-

tors considered; Section [Z.3lintroduces DPNV windings and the operation of bearingless

! Portions of the material in this chapter have also been published in [49].
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motors with these windings; Section [74] proposes power electronic drive implementa-
tions for the two DPNV configurations and compares the hardware requirements with
the conventional bearingless drive; Section presents relevant considerations for con-
troller design, including strategies for suppressing circulating currents; Section uses
simulation results to demonstrate the proposed control strategies and power electronic
implementations; and experimental results to validate the parallel and bridge winding

drive implementations for a bearingless ac homopolar motor are presented in Chapter [8l

7.2 Bearingless motor operation

Radial flux bearingless motors produce radial suspension forces by creating an unsym-
metrical flux density in the airgap. The forces can be calculated via the Maxwell Stress
Tensor, which for the idealized case of radial fields that do not vary with motor’s axial

length, can be written as (Z.1),

L ()2 cosad

=— a)” cosada
Ir 2 2

Fy=— B, ()" sinada (7.1)
2410 Jo

where [ is the motor’s active axial length, r is the airgap radius, and B, is the cumulative
radial flux density in the airgap at angular location «. From this expression, it can be
shown that to create a radial force, the airgap flux density must contain components
which differ in harmonic index by one. Force expressions and suspension operation are
now summarized for the two types of radial flux bearingless motors. More detailed
information can be found in [56]. Note that idealized current waveforms for force and

torque production are presented later, in Section [7.3]

7.2.1 p =1 bearingless motors

Conventional radial flux motors, i.e. permanent magnet (PM) or induction motors, have

a radial airgap flux density given by (7.2)), assuming that harmonics are neglected.
Br (o) = Brcos (—pa + ¢F) (7.2)

Here, p represents the number of pole-pairs of the motor and ¢ indicates the angular

location of the magnetic field at an instant of time. The magnetic field is composed of
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a magnetizing field (for example, produced by PM’s or a rotor winding) and armature
reaction field. To transform this type of motor into a bearingless motor, a suspension
winding with either p + 1 or p — 1 pole-pairs is added to the stator to produce a radial
flux density which differs in harmonic index by one (7.3]). This flux denisty is produced

by balanced sinusoidal suspension currents (7.4]).

B (o) = Bycos (— [p£1] a + ¢5) (7.3)

ity = Iy cos (¢s + 2F) (7.4)

These currents can be transformed into an equivalent two-phase system using the well-
known DQ transformation. If this is done with respect to the angle ¢, convenient
constant expressions for the radial force result (Z5l), where i, and i, are the two-phase

DQ currents from the transformation.

F, = kyi,

Fy = kyiy (7.5)
Typically, a suspension controller specifies required values of F, and F, which are then
used to determine the phase currents via an inverse DQ transformation (.6]). Noting
that ¢p increases at the speed of the armature winding frequency, it can be seen that

to produce a constant force, the suspension currents will have the same frequency as

the armature currents.
i, cos —sin
-/ \4 2/3 ¢F 2 . ¢F 2 Fm
S k—f cos (pp — &)  —sin (¢pr — 2F) (7.6)
iy cos (¢F+ %ﬂ) —sin (ng—l— %’r) Y
7.2.2 p =1 bearingless motors

This class includes the ac homopolar and consequent-pole bearingless motors. These
motors can be viewed as having a constant radial airgap flux density component which

does not vary with the angular position (7.7).

Bro () = Brg (7.7)
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Slots for top winding

Rotor laminations
Stator laminations
Field winding

Figure 7.1: The bearingless ac homopolar motor

Radial forces are produced by adding a p = 1 pole-pair suspension winding to the stator,

which produces a flux density given by (Z.8) with suspension currents as previously

defined (T.4]).

By (o) = By cos (—a + ¢s) (7.8)
A DQ transformation, this time with ¢ = 0, can again be used to transform the
suspension currents into equivalent x-y currents and obtain simple force expressions
([735). The same inverse transformation is used to calculate the suspension phase currents
([76)), again with ¢ = 0. Since ¢ = 0, it can be seen that to produce a constant force
the suspension currents will be DC. Furthermore, no information regarding the airgap
flux density’s location is needed for suspension force creation, which is viewed as an
advantage of this type of bearingless motor. It should noted that for the consequent-
pole and ac homopolar motors, this requires a p > 4 pole-pair motor.
The bearingless ac homopolar motor has two airgaps, each of which is able to produce
radial forces. As indicated in Fig. [Tl a separate suspension winding is wound around
the top and bottom rotor /stator sections and (7.5]) is written separately for each airgap.

Therefore, the bearingless ac homopolar motor has four degrees of freedom.

7.3 DPNYV winding operation

Traditional bearingless motors have two separate stator windings, each with its own set
of coils: an armature winding (for torque production) and a suspension winding (for

radial force production). In contrast, a DPNV winding is a single winding which uses
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Motor Inverter
I,

Motor

Inverter
Inverter

Stator
Winding

(a) Bridge Configuration (b) Parallel Configuration

Figure 7.2: Schematics for the two configurations of dual-purpose windings for bearing-
less motors with one airgap.

the same set of coils for both torque production and radial force production. DPNV
windings have two sets of terminals connections: one for torque-producing current and
one for radial-force producing suspension current. While these terminals connect to the
same coils, the coil direction is reversed for half of the coils from the perspective of the
suspension terminals.

A schematic depicting the bridge and parallel DPNV drive connections is shown in
Fig. for a machine with four coil groups in each phase (a-d). The inductor symbols
represent each coil group, which can be modeled as a resistance and leakage inductance
in series with a voltage source, Fig. [[L4l The voltage source is the result of a coupled
inductance of the coil group with all other coil groups in the winding and a permanent
magnet or field winding. The machine is designed so that the voltage sources in groups
a and b of a particular phase are identical; the same is true for groups ¢ and d. By doing
this and noting the coil group directions, it can be seen that the voltage sources cancel
out at the suspension terminals of both the bridge (Fig. [[.2a]) and parallel configuration
(Fig. [[.2D). The bearingless ac homopolar machine has two airgaps and therefore two
DPNV windings. In practice, the motional-EMF of the two sections may be slightly
mismatched, causing circulating currents if the stator torque terminals were connected
in parallel. To avoid these currents, the separated parallel connection and series bridge
connection depicted in Fig. [[.3] are proposed.

The terminal currents used to generate radial force and torque are shown in Fig.
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Motor Inverter

Top Motor Inverter Bot. Motor Inverter

Bot.
ISuspension
Inverter

/
Ly

Top
ISuspension
Inverter

, ’
Lyt Iy

’
Ty

Bot. Stator
‘Winding

Top Stator
Winding

(a) Bridge Configuration (b) Parallel Configuration

Figure 7.3: Schematics of the two DPNV configurations applied to the bearingless ac
homopolar motor.

R
—> Ly

Vig

Figure 7.4: Coil group model

for the two types of bearingless motors connected in both parallel and bridge configu-
rations. In the parallel configuration, the suspension current terminals carry half of the
torque terminal current in addition to the required force-producing suspension current.
This is in contrast to the bridge suspension terminals, which only carries force-producing
current. The parallel configuration has a series connection to all of the coils, whereas the
bridge configuration has a parallel current path to the coils, meaning that the parallel
suspension terminals only carry half the force-producing current of the bridge suspen-
sion terminals. Differences in required current waveforms between the two types of
bearingless motors are also readily apparent, matching the discussion in Section
Note that the shape of the terminal currents in the bridge configuration is the same
as the terminal currents for a conventional bearingless winding, which has separate
armature and suspension windings.

The current of each coil group is a superposition of the suspension and torque ter-

minal currents. Based on the amount of suspension current required, the drive must



118

Torque

p =+ 1 Bridge
[ >
>
>
=4
[ >
—
| >
=
>
>

p £ 1 Parallel

— A DD
UATAUAY Luv;

AN A
I NV O

Figure 7.5: Current waveforms for producing the indicated force and torque. The wave-
forms for the consequent-pole motor are the same as those indicated for the bearingless
ac homopolar motor, except that I/, does not exist since the bearingless consequent-
pole motor has only one airgap. For the ac homopolar motor, the x-force shown in the
top plot is used as the top airgap x-force and the bottom airgap x-force is zero. In all
cases, the y-force is zero.

Homopolar Bridge

Homopolar Parallel

actively limit the maximum allowable torque current so as to avoid exceeding the cur-
rent rating in any coil group. This is different from a conventional bearingless winding,
where separate coils carry torque and suspension current and the maximum torque cur-
rent (and therefore torque capability) is permanently fixed. For this reason, the DPNV
winding designs are highly advantageous in applications where the amount of required
suspension current varies significantly during operation; here, a machine with a DPNV
winding is able to carry a greater torque producing current (and therefore create more
torque) during operating times when low-suspension current is required.

Examples of p + 1 bearingless motors with DPNV windings can be found in [99]
[105, 109, 111,112], and an example of a DPNV winding design for the bearingless ac

homopolar motor can be found in [47].
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Suspension Inverter Motor Inverter

(a) Parallel configuration using a common DC bus

KF KA 45}4(’}4(’}

Suspension Inverter Motor Inverter

(b) Parallel configuration using isolated DC buses

Figure 7.6: Circuit diagrams of the power electronics converters proposed to realize the
DPNV parallel drive.

7.4 Power electronic implementation

Power electronic implementations of the parallel and bridge DPNV drive configurations
are now proposed using single- and three-phase, two-level inverters. These configu-
rations are contrasted against the traditional bearingless winding implementation, for
which the complete drive is composed of standard three-phase motor drives attached
to each winding; that is, separate three-phase, two level inverters attached to the sus-
pension and torque windings which share a common voltage bus. The results of the
discussion are summarized in Table [[.Jl Note that the conventional bearingless wind-
ing for the ac homopolar motor has one torque winding which spans the entire motor
length and separate suspension windings spanning each airgap. This requires one three-
phase inverter for the torque winding and two three-phase inverters for the suspension

windings.
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7.4.1 Parallel configuration

The parallel DPNV drive can be implemented using three-phase, two-level inverters
sharing a common voltage bus, as shown in Fig. [[.6al For the bearingless consequent-
pole and p £+ 1 pole-pair motors, this requires 12 switches. For the bearingless ac
homopolar motor, two sets of these inverter pairs are required, one for the top airgap
and one for the bottom airgap, requiring 24 switches. Care must be taken to avoid
circulating currents between the two inverters in each set. There are two primary

factors that can lead to significant circulating currents:

1) instantaneous mismatch between the applied common mode voltages at the ter-

minals of each inverter;

2) unbalanced phase impedances or the unexpected presence of a small voltage at

the suspension terminals.

Item 1) prevents the use of modulation schemes that apply different common mode
voltage when averaged over a switching period, such as the widely used Conventional
Space Vector Pulse Width Modulation (CSVPWM) which allows output phase voltages

as large as ‘\% [113]. The Sine Triangle Comparator PWM method can be used, as it

applies a constant common mode voltage, but this limits the output phase voltage to
% [113]. Since slight asymmetries in the phase impedance are inevitable and slight
variations from the “no voltage” property of the suspension winding may arise, item 2)
requires that five current sensors be used for each set of inverters so that circulating
currents can be detected and actively removed.

Alternatively, the two inverters of each set can be operated from isolated dc buses to
eliminate all concern of circulating currents, shown in Fig. [.6bl In this configuration,
CSVPWM can be used and only four current sensors are required for each two inverter
set (two current sensors for each three-phase inverter). The suspension inverter voltage
bus can now have a different value than the torque inverter bus. This is a useful feature
because the “no voltage” property of the suspension terminals means that the suspension
inverter can utilize a lower voltage bus than the torque inverter in most designs; using

a lower bus voltage (for the same output current) results in lower suspension inverter

losses and enables the suspension inverter to use less expensive switches that have
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lower voltage blocking capability. For the bearingless ac homopolar motor, the same dc
buses can be reused in the second inverter set because there is no path for circulating
currents between the top and bottom windings; this means a single voltage source can
be used for Vg1 of Fig [.6D between the top and bottom inverter set, and a single
voltage source can be used for Vj.o between the top and bottom inverter set. Note
that providing isolated dc buses for this configuration has the significant downside of
requiring additional hardware.

Fault tolerance is a concern in either realization of the parallel implementation. This
suspension controller operation is dependent upon valid operation of the torque inverter,
which increases the number of components for which a failure could result in unstable

operation.

7.4.2 Bridge configuration

The bridge DPNV configuration can be implemented by using a three-phase, two-level
inverter for the motor inverter and isolated H-Bridges for each suspension phase, see
Fig. [l For the bearingless consequent-pole and p=+1 pole-pair motors, this requires 18
switches; for the bearingless ac homopolar motor, this requires 30 switches. A current
sensor must be used on each phase of the suspension terminal connection and on two
of the phases of the torque terminal connections. This translates to requiring five
current sensors for the machines with a single airgap and eight current sensors for the
bearingless ac homopolar motor. Furthermore, each converter must use a dc bus isolated
from all other converters. It is therefore concluded that the bridge configuration requires
substantially more hardware than the parallel configuration.

The bridge configuration also has advantages over the parallel configuration. The
only risk of circulating currents in this configuration is in the suspension phases, since

voltages are applied to each phase independently from the other phases. The three

phase torque inverter can use CSVPWM to obtain a higher output voltage (‘\%), and
the individual H-Bridges are able to apply the full bus voltage as their phase voltage.
The H-Bridge converters have to carry twice the suspension current, but none of the
torque current, meaning that in designs were the suspension current is normally low,
they will have less losses in the suspension inverter. Furthermore, because the H-

Bridge converters are on isolated voltage buses, they can have a lower bus voltage than
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H-Bridge

Figure 7.7: Implementation of bridge suspension inverter

the torque inverter; this has the same advantages that were described for the isolated
implementation of the parallel drive.

In terms of fault redundancy, the bridge configuration is also at an advantage. Since
the torque inverter is completely isolated from the suspension inverter, a failure in the
torque inverter circuit or current sensor, would not impact the suspension operation.
Furthermore, utilizing isolated voltage buses for each of the H-Bridges provides more
redundancy, since a shorted-inverter would only disrupt a single suspension phase and

it is possible to provide x — y forces with two of the three phases.

7.5 Control considerations

The typical control system for a bearingless motor drive is illustrated in Fig. [[.8al
This same implementation can be used for a bridge configured bearingless drive. In
the parallel configuration, the suspension terminals carry half of the torque current,
which must be added to the suspension current references; this is shown in Fig. [Z.8bl
The blocks labeled as “PI-based motor /suspension current controller” correspond to the
vector control approach taken in motor drives [72]. The operation of the blocks labeled
as “Deterimine k; and ¢;” and “Determine suspension currents” correspond to the
discussion in Section [Z.2] primarily (Z.5)); in the case of a p = 1 bearingless motor, ky is
a constant and ¢y = 0 which significantly simplifies these blocks. The blocks labeled as
“Convert UVW to DQO0” and “Convert DQO to UVW?” correspond to DQ and inverse-
DQ transformations, respectively. The “PWM” blocks represent the interface to the
power electronics and the type of pulse width modulation used, which was described in

Section [[4l For the bridge configuration suspension terminals, this corresponds to the
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(b) Additional components for parallel DPNV drive

Figure 7.8: Schematic of the control diagram for a bearingless motor; the green compo-
nents in (b) indicate the additional logic required for a parallel DPNV drive.
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H-Bridges of Fig. [Tt otherwise this corresponds to a three-phase, two-level inverter.
As described in Section [7.3] the DPNV suspension terminals can be modeled as
a constant series resistance and inductance. As is standard for vector control, the
suspension current controllers are designed in the DQ domain. The suspension DQ
transformation is based on the angle ¢, which results in the voltage equations below
[3). Referring to Fig. [[4] the bridge configuration has Rgs = R and Lgys = Likg; the
parallel configuration has Rg,s = 4R and Lgys = 4Ljjg.

Uy = Rgusiz + Lsusim - QBFLsusZ.y
Vy = Rsusiy + Lsusiy =+ Q.SFLsusZ'w (79)

As discussed in Section [7.4] the implementation of the bridge configuration and the
non-isolated implantation of the parallel configuration can experience zero-sequence, or
circulating, currents which enter at the suspension terminals. A PI controller with a
zero reference can be used to suppress these currents, as shown in Fig. [L9 The zero

sequence voltage equation can be extracted from the suspension DQ transformation,
shown in (Z10).
Vo = RsusiO + Lsus%O (710)

In the parallel DPNV drive configuration for the p = 1 bearingless motors, additional
control issues can arise due to the suspension DQ reference frame being stationary and
the torque DQ reference frame rotating at the synchronous frequency. This problem can
become apparent when constant radial forces are present, which require DC suspension
currents. To the torque DQ current controller, these DC suspension currents appear to
be rotating backwards at the synchronous frequency. Since PI controllers have difficulty
tracking sinusoidal signals, these currents can cause oscillating errors to appear in the
DQ motor currents. This issue also arises in other applications, such as active filters and
motor drives [IT4HI17]. One solution to this problem is to add additional integrators to
the error signals in a reference frame where the problem signal is DC [IT5,[117]. For the
present problem with parallel DPNV drives for homopolar motors, this means having
an additional stationary DQ reference frame for the motor DQ currents, integrating the
error as seen in this reference frame, and adding the resulting voltage references to the
voltage references generated by the primary motor current controller. The details of

implementing such a scheme are reserved for a future work.
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7.6 Simulation results

MATLAB Simulink was used to validate the proposed implementations of the parallel
and bridge configured drives for both the p £ 1 and p = 1 bearingless motors. Each
configuration was simulated with closed loop control, using idealized MOSFET models,
and a switching frequency of 20kHz. The parallel configuration was implemented with a
common dc bus, corresponding to Fig. [[L6al In all simulations, the reference torque and
a-direction suspension force waveforms shown in Fig. [ 10] are used and £y is assumed
to be a constant (i.e. is not impacted by g-axis current). The simulated bearingless
motors have eight poles and a constant rotational speed of 1000RPM. Fig. [[.11] shows
resulting simulated current waveforms. The power electronics work as expected under
these idealized conditions.

Next, to illustrate the necessity of zero sequence current control, a phase imbalance
was introduced in series with the suspension current terminals. Models with and without
the zero sequence current controllers described in Section were then simulated, with
the results shown in Fig. The plotted zero sequence currents were calculated from
(CII) by measuring the current into the suspension phase terminals. In the parallel
configuration, the phase imbalance also appears in a portion of the torque current path,
which causes unbalanced torque currents in addition to unbalanced suspension currents.
In both the bridge and the parallel configuration, the simple zero sequence controller

described in Section is able to suppress the circulating current.

. 1 / / /
ZO — 3 (Iut + I’l)t + th) (711)
o
F Determine —'**@—» Plbased  [~|d —
suspension| - suspenion current Convert
£y currents [ ©) controller  [~{¢ DQO o |—

uvw
0 —
Lo il —
Convert i 0 **@—> PI controller
UVW to ¢~

DQO )
—juvw o

Figure 7.9: Additional components for zero sequence current control
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Figure 7.10: Simulation reference waveforms

7.7 Conclusion

This chapter investigated the power electronics used to implement drives for machines
with DPNV windings. A comparison between the hardware requirements of the parallel
and bridge DPNV drives and the conventional bearingless drive was presented as well
as simulation results. Hardware results are presented later, in Chapter 8

It was shown in the chapter that there are advantages and disadvantages to each of
the DPNV drive configurations. The parallel configuration requires the least hardware
components, but has less fault tolerance and more complex control requirements due
to potential interactions between the torque and suspension inverters. Neither config-
uration can be realized in as few components as a standard bearingless motor drive,
meaning that the DPNV drives will have a higher cost. This must be weighed against
the potential increase in bearingless machine performance when deciding whether to

design a bearingless motor with a DPNV winding.
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Chapter 8

Bearingless Prototype Design and

Experimental Results

8.1 Introduction

The design of various components of the prototype bearingless ac homopolar machine
and the drive system used to operate it are now described. Experimental results are pre-
sented in this chapter to characterize the machine and validate the concepts developed
in previous chapters.

The final prototype machine is shown in Fig. B1], the power electronics are shown
in Fig. B2l and the control hardware is shown in Fig. The power electronic invert-
ers use silicon carbide (SiC) MOSFETSs so that they can operate at a high switching
frequency. This enables faster control operation and bandwidth and ultimately better
machine performance than would be possible with the switching frequencies achievable
with IGBTs. The design and characterization of the individual half-bridge circuits that
are connected to make up these inverters has been published in [118].

Despite the dissertation’s interest in developing an outer-rotor bearingless ac ho-
mopolar motor for flywheel energy storage, an inner-rotor topology has been used. This
was done for ease of testing, as inner-rotor machines are standard and existing products
were more easily purchased to construct the test stand. The concepts developed in this
dissertation apply to both the inner- and outer-rotor topologies and the purpose of this

prototype is to simply validate these concepts. The ac homopolar machine geometry is

130
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Stator laminations

Test stand and windings

Top position
sensors

Stator housing

Bot. position
sensors

Axial thrust
PM bearing

Rotor laminations

Figure 8.1: The prototype bearingless ac homopolar machine

the same as was illustrated in Fig. 2.Tal An axial PM thrust bearing is used to support
the rotor weight, the design and characterization of which is described in Section
A DPNV winding has been installed in the two stator stacks, so that the same coils
can be used for both torque and suspension forces. The design of this and a general
FEA study of the machine is presented in Section The controller design and control
hardware implementation is described in Section Finally, the hardware results of

the prototype machine performance are presented in Section

8.2 Axial PM bearing design

The design of the axial PM bearing used in the prototype machine is now described.
The PM bearing was characterized via an experimental setup to understand the radial
and axial stiffness as a function of rotor eccentricity. A point of emphasis is made on
designing a bearing that maintains acceptable radial and axial stiffness values, and then

measuring these values, when the bearingless machine is powered down and its rotor is
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Figure 8.2: The power electronic drive
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Figure 8.3: The drive control hardware

highly eccentric. A literature review of bearing characterization techniques is presented
along with a description of the characterization procedure used and the characterization

results

8.2.1 Design

The axial bearing design is based around a simple repulsive ring bearing, as depicted in
Fig. B4l The design was conducted using FEA, with the design goals of minimizing the
radial unstabilizing forces and changes in the axial forces when the rotor is fully eccentric
(resting upon its touchdown bearings) and minimizing the design cost by reducing the
magnet volume. The bearing stator consists of an axially magnetized ring magnet glued
to an aluminum yoke; the rotor consists of an axially magnetized ring magnet glued to
an aluminum sleeve which is secured to the bottom of the bearingless motor’s rotor
shaft.

The bearing design space is explored through 2D and 3D FE simulations in Fig.

The rotor weight, desired airgap, and magnet material properties are design constants

! Portions of this material have also been published in [53].
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Table 8.1: Magnetic bearing design

Magnet thickness 3.4 mm
Inner diameter 55 mm
Outer diameter 82 mm
Magnet material NdFeB Grade N42

Remanent flux density 1.28 T
Coercivity 915 kA/m

and the magnet thickness and inner diameter are design variables. To design the bearing,
2D FEA was performed for different values of the design variables to find the required
magnet outer diameter needed to support the rotor weight with the desired airgap.
The magnet volume was then calculated from the dimensions and 3D FEA was used to
determine the radial unstabilizing force and changes in the axial supporting force when
the bearing is fully eccentric (that is, when the bearingless motor’s rotor is resting on
the touchdown bearings). The final design is specified in Table and additional FE
results are presented later, in Fig.

8.2.2 Review of bearing characterization techniques

Many different approaches to measuring the radial and axial forces can be found in
the literature, for example: [119-130]. However, little emphasis is placed on either
making accurate measurements during simultaneous axial and radial displacement or
when the bearing is highly eccentric (corresponding to the case where the bearingless
motor is powered down). On a fundamental level, these measurement approaches can

be summarized as variations of the following:

Hole for shaft
| o |

Stator yoke

Figure 8.4: Axial PM repulsion bearing

Rotor yoke
Stator magnet

Stator yoke
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e the rotor and stator are somehow mechanically displaced from each other and a

device (such as a load cell) is used to measure the force along that direction for
various displacements [119H121][125]128-130];

e a known force (i.e. a weight) is applied to the rotor along an axis and the dis-
placement is measured for various forces; this will only work in cases where the

magnetic bearing is stable in the displacement direction [119L123[125]130].

There are also several different approaches to measuring the radial/axial stiffness, most

of which can be summarized as variations of the following:

e extract the stiffness from the force data by fitting a linear regression line to the data

as a function of displacement for small displacements [119120L122]125128|[130];

e excite the rotor with an impact hammer and observe the rotor’s frequency response
[122129].

A common variation on the above techniques is used in [122] for measuring radial
stiffness (axial stiffness is measured via the impact hammer test). Here, a consequent-
pole bearingless motor is considered with a PM axial bearing. To measure the radial
stiffness, the bearingless motor suspension force characteristic is first measured: &y of
the linearized magnetic bearing force model (81 is calculated by using the magnetic
bearing controller to keep the rotor centered (fixing 6 = 0 mm), applying a radial force

to the rotor, and measuring the required suspension current, is.
F(0,is) = —ks6 + kyis (8.1)

Next, the controller is used to displace the rotor radially to a small value of §. When
the rotor is in equilibrium, F'(0,is) = 0 and the radial stiffness is measured: ky = kyis/0
with and without the PM bearing connected. While this is a very low-cost approach,
there are two potential problems that must be carefully addressed on a per-device basis

to ensure accurate results:

e the force model of (81 is typically only a linear approximation of the radial
force’s dependence on displacement; it is therefore only accurate for sufficiently

small values of § and it doesn’t account for axial displacement;
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e as is noted in [58], the radial suspension force of the bearingless motor can vary
to a limited extent as a function of the rotor’s angular position, so if the rotor
were to rotate between the time that the suspension force was characterized and

the stiffness was measured, inaccurate results would be obtained.

Another variation is used in [130]. Here, the machine’s rotor is displaced to several
small values of § by the controller. For each value, radial forces are applied to the
rotor and the suspension current is measured while the controller keeps the displace-
ment fixed. The bearing stiffness is approximated by dividing the difference in applied
force for a given suspension current at two different displacements by the difference
in displacement. Again, this suffers from the same potential inaccuracies as mentioned
before. However, it is found that the method is sufficiently accurate for the device being
considered in [130] under very small displacements.

Neither of the aforementioned variations are likely to provide acceptable radial stiff-
ness measurements for large displacements in either the radial or axial direction and
therefore are unlikely to accurately characterize the PM bearing when the bearingless
machine is powered down and the rotor is fully displaced. In [120], a force measurement
procedure is described which should be capable of accurately measuring radial/axial
forces as a function of both radial and axial displacement. Here, the stator is connected
to a load cell capable of measuring forces in three dimensions. An automated 3D z-y-z
cross-table is used to move the stator and rotor with respect to each other. While radial
and axial force results are only reported for displacements along their respective axes,
it appears that this setup could be used to accurately measure forces along both axes.
However, such equipment was not available and is considerably more expensive than

the equipment required for the measurement which was used.

8.2.3 Measurement technique used

To characterize the PM bearing, the test stand depicted in Fig. and Fig. B7 was
built. The rotor is fixed radially but is free to move axially. This is accomplished by
mounting two brass sliding bearings on the housing of the bearingless motor. The PM
bearing stator is restricted axially and movements in the radial direction are controlled

by a manual z-y cross-table. The connection to the cross-table is through single-axis
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Dial indicator

Bearingless motor

Bearing rotor
Bearing stator
Crosspiece

(a) Full test stand

Brass slide Ball transfer units

x load cell

2 Axial load cell

Cross-table

(b) Measurement apparatus (c) Test stand bottom

Figure 8.6: Photographs of (a) the full test stand; (b) the measurement apparatus; and
(c) the bottom of the test stand with the PM bearing and radial load cells removed.

load cells. An “z” and a “y” load cell are each connected to a side of the bearing stator
through universal joint linkages. The universal joint linkages are used instead of bolts
to decrease any cross-talk between the sensors, as they only support forces along their
axes. The PM bearing stator rests axially against eight ball transfer units which have
been installed in the crosspiece and are shown in Fig. B6c. The ball transfer units
prevent friction between the bearing stator and the crosspiece that could interfere with
radial force measurement. The radial force sensors are also mounted to this crosspiece
and the entire apparatus is centered on top of another single-axis load cell for axial force
measurements.

The rotor can be displaced axially by placing weights upon it (see the basket on
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Bearing stator
Universal joint linkage
x load cell

Axial load cell
Cross-table

Figure 8.7: Drawing of measurement apparatus

the top of Fig. B.0h) while the stator can be displaced radially by adjusting the x-y
cross-table. Since the brass sliding bearings have some axial friction, the value of the
weights added to the top of the rotor are ignored and instead the axial load cell is used
to measure the axial force that the bearing provides. The rotor’s axial displacement is
measured via a dial indicator while the x-y cross-table is able to accurately position the
stator to within 0.025 mm.

All measurements are taken with the bearingless homopolar machine completely

powered down.

8.2.4 Results

Radial and axial force measurements are shown in Fig. and The airgap between
the PM bearing and stator was measured at being 2.55 mm nominally, which, as can be
seen in Fig. 8 8al matches the FE simulations. The radial and axial stiffness values about
the nominal positions were calculated from linear regression lines fit to the data and
shown in Fig. and [B.8Dl These stiffness values are given in Table Note that the
measured radial stiffness value is approximately 4% greater than the FEA calculation
and the measured axial stiffness is approximately 3% greater than the FEA calculation.
Earnshaw’s theorem predicts that for an axially symmetric magnetic bearing without
iron, the axial stiffness should be twice the radial stiffness [I31[132]. The FE results
satisfy this exactly and the small discrepancy in the measured results can be explained
by measurement uncertainty, as discussed later.

The radial and axial force measurements as a function of both radial and axial

displacement are shown in Fig. and [B.9bl The range of radial displacement is
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Figure 8.8: Axial and radial force measurements under 1D displacement: (a) Axial
force measurements when the rotor is centered; (b) radial force measurements when the

airgap is at its nominal value.

Table 8.2: Stiffness results

Parameter? Measured | FEM Result
Radial Stiffness (N/mm) 16.8 16.2
Axial Stiffness (N/mm) 33.3 324

“All stiffness values are reported about the nominal position and are taken as the slope of the

regression lines shown in Fig. [0
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selected to be -1.5 mm to 1.5 mm to include the displacement when the bearingless

ac homopolar machine is powered down and the shaft is resting upon the touchdown

bearings. Fig. B.9d and [R.9d] show FEA results for the same displacements.

Repeatability

To assess the repeatability of the radial force measurements, the radial force data shown
in Fig. [B.80h] was collected eight times for each radial offset. The standard deviation in
measurement data at each radial displacement is calculated. The average of these values
is 0.4 N and all standard deviations are within 0.1 N of this. For radial displacements
greater than 0.5 mm, the average standard deviation was 2.1% of the average force
measured.

Assessing the repeatability of the axial force measurements is more challenging.
Since the brass slides exert a frictional force on the rotor shaft, both the axial displace-
ment and axial force differed between measurements for the same weight being placed
upon the shaft. Therefore, it is not possible to compare force variation for the same
axial displacement. Instead, it was observed from FEA that a quadratic polynomial
accurately fit the axial force dependence upon axial displacement. The measured data
shown in Fig.[R.8alwere fit to a quadratic polynomial using the least squares method and
the force difference between each measured data point and the value predicted by the
polynomial was calculated and normalized by the value predicted by the polynomial.
The average of the normalized error magnitudes is 0.9%.

The repeatability for both radial and axial forces are considered to be very good

and any significant measurement error should be due to a systemic bias.

Systemic errors

There were two primary sources for systemic bias error observed in the measurements.
The first is that the airgap between the PM bearing and stator was not completely
parallel. It was measured at being 2.55 mm nominally and, despite efforts to mount
the two surfaces perfectly parallel, there was a deviation of approximately 0.05 mm
measured. Finite element simulations results showed that this could lead to a maximum
difference in force measurements of 0.9 N over all values of axial and radial displacements

tested, which was deemed acceptable. The finite element simulations predicted that for
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each value of axial displacement, the maximum force difference between the parallel and
non-parallel cases would occur for small radial displacements, which possibly accounts
for the non-zero radial forces at zero radial displacement shown in Fig. B9l

The second source for measurement error was noticeable cross-coupling between the
2 and y load cells, despite the universal joint linkages. All data was collected by keeping
the y-axis in its nominal position and displacing the z-axis. Ideally, the y-axis load cell
would always read 0 N. Instead, as can be seen in Fig. B10] the y-axis had a substantial
offset and varied as a function of z-axis displacement. In addition to this, Fig. BI0l
shows that the z-axis load cell also had a substantial offset. To correct for the offset, a
regression line was fit over all the z-axis data points. Ideally, the z-axis data should be
perfectly symmetric about the center point (x = 0 mm). For this reason, the offset of the
linear regression line was treated as the offset of the data. This procedure was applied
to all of the radial data measurements. It is interesting to note that the average value
of the y-axis force data (21.1 N in Fig. BI0) is approximately equal to the determined
offset in the z-axis data (21.3 N in Fig. [RI0]). This suggests that the effect of the airgap
not being perfectly parallel is minimal.

Initially, the test apparatus was designed to utilize five single-axis load cells to enable
differential z- and y-axis measurements. The expectation was that such measurements
would lead to more accurate results. However, the opposite was true: misalignment with
the additional sensors caused tension along both the z- and y-axis which caused cross-
axis coupling in the force measurement. For this reason, the final test stand consisted of
only a single load cell on each axis. Furthermore, the data from the y-axis load cell was
not used for any results other than to investigate cross-coupling. All of the presented
force measurements in Fig. B8 and B9 were taken from only two single-axis load cells:

one axial load cell and one radial load cell.

8.3 Bearingless winding design

The design of the DPNV winding used in the prototype machine is now considered.
This section presents the winding design and an FEA study of study of the performance

of this design compared to alternative designs, including a classical bearingless motor
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Figure 8.10: Example set of measured data with 2.55mm airgap
design with separate suspension and torque windingsH

8.3.1 DPNYV winding design

The DPNV winding design procedure described in Section was used to design
the DPNV winding. It was decided that the torque winding should have identical
parameters to the prototype ac homopolar motor considered in Chapter @ @ = 36,
p = 4, m = 3. The star of phasors used for the torque winding layout is shown in
Fig. BITal and a phase of this is redrawn for the suspension frequency in Fig. B11d
With reference to Fig. BI1d there are two obvious options for which coils to flip for

connection to the suspension terminals, forming 180° bands:

(1) starting at the phasor for slot 8 and wrapping around counter-clockwise to the

slot 25 phasor,

(74) starting at the phasor for slot 7 and wrapping around counter-clockwise to the

slot 3 phasor.

The resulting suspension winding factors are shown in Table B3] in the columns corre-
sponding to a coil pitch of 4 slots. The harmonic A = 4 corresponds to the fundamental
harmonic v = 1 of the torque frequency (p = 4). Notice that while option (i) has a
higher fundamental suspension winding factor than option (i), it also has higher har-

monic winding factors, which will introduce force ripple in the suspension operation.

2 Portions of the material in this chapter have also been published in [47].
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Figure 8.11: Phasor diagrams for the example @ = 36, p = 4, m = 3 design; (a) torque
winding layout using 60° phase belts; (b) phase u at the torque frequency; (c) phase u at
the suspension frequency; (d) phase u at the 5th harmonic of the suspension frequency;
dashed phasors correspond to coils whose direction is reversed when connected to the
suspension terminals
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To understand the importance of suspension winding factors on force ripple, refer
back to the radial force calculations in Chapter[2l In summary, the Maxwell Stress Ten-
sor is used to calculate radial forces which result from the interaction of the suspension

field and the magnetizing field:

_ 1
9u(.9) = Fm = (82)
_ 1
g (a,0) = Rithaf(pla—0]+m)) (8.3)
Fy
By (a,0) = pg————= 8.4

where the subscript v is set to u or [ to indicate the top or bottom airgap and F
represents an MMF. The airgap flux density will contain the harmonics of each MMF
as well as plus or minus the harmonics contained in the effective airgap length function
f (o) of (B2). The interaction between the first 11 suspension MMF harmonics and the
magnetizing and torque flux density harmonics is summarized in Table B4l for the simple
case where the effective airgap length function is given by f (¢) = cos ¢. The interacting
harmonic index of the magnetizing or torque flux density is written as “(v = ..)” where
v indicates the harmonic of the torque frequency. Harmonics are crossed out which do
not exist in this configuration (for example, triplen harmonics, since the phase currents
sum to zero, and even suspension harmonics). The first row of the table is the only row
that corresponds to a radial force which does not vary with rotor position: the existence
of any other row is undesirable. It can be concluded that the most important winding
factor to minimize for force ripple is h = 5 since it is the only harmonic to interact
with main components of both the magnetizing and the torque armature reaction flux
density. This harmonic is particularly difficult to deal with because it is near the p =4
torque frequency, meaning that the pitching factor at h = 5 is relatively large. For
a fixed coil pitch, the only way to minimize this suspension winding factor is by the
winding distribution factor; that is, by selecting the coil direction in design step 2 in
a way that minimizes this harmonic. The results can be visualized in a phasor star
diagram drawn at this frequency, see Fig. [8.11dl

Table R3] shows that the suspension winding factors have low values, meaning that
current is used inefficiently. This is largely the result of the coil pitch, which was
selected for the torque winding design and is therefore extremely short at the suspension

frequency. Increasing the coil pitch will result in better suspension winding factor.



Table 8.3: Example design suspension winding factors

4 slot coil pitch 5 slot coil pitch
h | winding ¢ winding ¢ | winding ¢ winding
1 0.204 0.225 0.252 0.278
3 0.000 0.289 0.000 0.322
5 0.204 0.305 0.170 0.253
7 0.204 0.371 0.027 0.050
9 0.000 0.000 0.500 0.373
11 0.204 0.126 0.316 0.196

Table 8.4: Harmonics leading to force ripple

Sus. MMF Harmonic

Interacting Torque Flux Density Harmonic

h h h—4 h+4
1 v=20 v=1 v=1
2 - - -
3 - - -
4 - - -
) v=1 v=20 v =2
8 - - -
7 v =2 v=1 v=23
8 - - -
9 - - -
10 - - -
11 v=3 v =2 v=4

147
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However, this must be done with caution, as it may lead to an inferior torque winding
in terms of winding factor, conduction losses, and end-effects. In this particular example
with ¢ = 3/2, a full pitch coil would be y = mg = 4.5 slots. This is typically rounded
down to 4 slots to obtain shorter coils. However, if this were rounded up to 5 slots, the
suspension winding factors would be improved considerably while the torque winding
factors would remain the same, as shown in Table B3l
The winding design option (i) with a 4-slot pitch was built for the prototype ma-
chine. The layout schematic and MMF diagrams are depicted in Fig. alongside an
example of an alternate, conventional bearingless winding design which is considered
in Section R.3.3l The prototype machine uses separate, identical windings on top and
bottom stator stacks that sandwich the field winding to provide 4-axis control of the
rotor’s position. The remaining machine parameters of the constructed prototype are
specified in Table

8.3.2 FEA study of the DPNV winding design

FEA has been conducted on the prototype design for two different DPNV windings, the
4 and 5 slot coil pitch variants of winding 7 in Table R3] (the layout for the former case,
which was used in the prototype machine, is depicted in Fig. B.I2h]). Two different rotor
structures representing lower and upper bounds on the harmonic content of the effective
airgap length have been considered: one with an inverted sinusoidal airgap length and
one with a square airgap length, where f(¢) of (82]) is cos¢ and SQ (¢) respectively.
This winding design can be interfaced to either the bridge or parallel style of drive. All
simulations have been solved on static, non-linear 3D models using Infolytica’s MagNet
software, shown in Fig. 8.13h. The machine parameters and ratings are summarized in
Table The B-H curves used for the laminations and the solid steel are the same as
what was previously depicted in Fig.

First, the rated coil current is used to create an z-directed suspension force in the top
rotor/stator section while no torque current is used. The resulting force and terminal
current waveforms are shown in Fig. 8. 14al In the parallel configuration the suspension
terminal has a series connection to all coil groups, whereas in the bridge configuration
there are two parallel branches; therefore, to obtain the rated coil current, the bridge

configuration’s suspension terminals carry twice the current of the parallel configuration.
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Table 8.5: Bearingless prototype machine parameters

Rated Coil Current 2.6 A (RMS)
Rated Torque (Sine Rotor) 2.0 Nm
Rated Torque (Square Rotor) 2.5 Nm
Mean Airgap Radius 53 mm
Min. / Max. Airgap Length 2 mm / 17.5 mm
Stator Segment Active Length 40 mm
Rotor / Stator Lamination Material M19
Rotor Shaft / Stator Sleeve Material | Solid Rotor Steel
Field Winding Turns 1000
Field Winding Conductor Diameter 0.8 mm
Turns in Each Armature Coil 27
Armature Conductor Diameter 0.8mm

The quality of a bearingless motor’s magnetic suspension is often analyzed by looking
at the force ripple along each radial axis (z and y) when a force is desired along only
one of the axes. The ripple value is typically normalized by the average force produced
along the desired axis. This information is extracted from Fig. BI4al and summarized
in the first two rows of Table Here, AF,, is defined as the maximum difference
between the force waveform and the average force produced for that axis. As expected
from the winding factors, the winding design with a coil pitch of y = 5 slots outperforms
the shorter pitched design in terms of both the amount of average radial force produced
and the amount of normalized force ripple.

Next, the flux linkage of the phase u torque and suspension terminals is explored
to identify coupling between the torque and suspension terminals as well as to validate
the “no voltage” characteristic of the suspension terminals. Three operation scenarios
are considered with different terminal currents, as follows: 1) no suspension or torque
current; 2) rated torque current, no suspension current; 3) no torque current, rated
suspension current. The results are plotted in Fig. 814Dl for the square rotor with the
winding coil pitch of y = 4 slots, as this design should exhibit the greatest harmonic
content. The flux linkage is measured by summing each coil group’s flux linkage (a-d),

taking into account the group’s direction with respect to the suspension and torque
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Table 8.6: FEA results for winding suspension force characteristics

Sine rotor Square rotor
y () | 55 | o | (B | 55 | oo
4 slots® | 125.9 N | 11.1% | 11.0% | 136.3 N | 13.8% | 12.3%
5 slots® | 155.0 N | 7.6% | 7.3% | 167.9 N | 9.1% | 8.0%
4slots? | 422N | 13.1% | 13.3% | 45.7 N | 15.1% | 16.5%
5slots® | 521N | 82% | 9.7% | 56.4 N | 11.0% | 11.2%
18 slots® | 1478 N | 1.7% | 2.3 % | 159.7 N | 2.6% | 2.9%

“Rated suspension current, no torque current
b1/3 rated suspension current, 2/3 rated torque current
°Single layer winding depicted in Fig. [RI2al rated suspension current; 25% slot space allocation

terminals. It is seen here that the flux linkage of the torque terminal is influenced
by the movement of the rotor and the amount of torque terminal current; however,
the torque terminal flux linkage is not influenced by the suspension terminal current.
The flux linkage at the suspension terminal is also clearly not influenced by the torque
current; when the suspension terminal current is at its rated value, the suspension flux
linkage exhibits some dependence on the rotor’s angular position. This variation in the
suspension flux linkage is small compared to variation in the torque flux linkage and
will therefore generate a very small relative motional-EMF. The flux density is shown
for a 2D cross-section of the top rotor/stator section for each of the three scenarios in
Fig. It is seen that in scenario 3, the stator teeth carry the most flux, which most
likely accounts for the suspension flux linkage’s slight rotor position dependence.
Finally, simultaneous torque and suspension current is flown to validate the ma-
chine’s capability to simultaneously produce both suspension force and torque. The coil
current is set to its maximum rated value, but is divided into torque and suspension force
producing components which are at 2/3 and 1/3 of the rated current respectively. FEA
results for the torque and force waveforms are shown in Fig. and a cross-sectional
view of the flux density in the top rotor/stator section is shown in Fig. BI3k. The aver-
age suspension force and normalized force ripple has been extracted from Fig. and
added to Table The presence of torque current results in an increase in normalized

force ripple. To ensure that this was not due to the use of a lower suspension current,
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O I,=1I,=0 (o) rated I, I',, =0

(a) 3D FEA Models  (d) I, = 0, rated I},  (e) 2 rated I,,, % rated I,

Figure 8.13: FEA models and field results for prototype design winding: (a) Models with
sine / square rotors for y = 4 slots; (b)-(e) flux density in top rotor/stator cross-section.

the same test was re-run with no torque current, and the suspension current maintained
at 1/3 of its rated value; the resulting values of normalized force ripple agreed with the
first two rows of Table To test for degradation of the torque waveform, this same
test was re-run with the same torque currents, but the suspension current set to zero.
No significant difference was found in the average torque and torque ripple of both rotor
structures and DPNV windings, leading to the conclusion that the suspension current
does not interfere with the torque production apart from setting a limit on the amount
of torque current that can be used; however, the presence of torque current does result

in a slight increase in normalized suspension force ripple.

8.3.3 Comparison to conventional bearingless winding

The example conventional bearingless winding design, depicted in Fig. B12al is now
analyzed for comparison purposes. The winding was designed as a full pitch (y = 18
slots), single layer winding with 60° phase belts. The winding factors are shown in
Table Comparing these winding factors to the example DPNV winding factors
shown previously in Table reveals that the example DPNV suspension winding
factors are inferior both in terms of the fundamental winding factor (h = 1) and in
terms of the harmonic content (kyp/ky1). It is therefore expected that if the example

conventional suspension winding could occupy the entire slot space, it would produce
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Figure 8.14: FEA results for the design variants with y = 4 and y = 5 DPNV wind-
ings for the two different rotor shapes shown in Fig. RI3h. The terminal currents are
indicated for both the bridge and parallel drive implementations. Note: in (b) results
are shown for the y = 4 DPNV winding with a square rotor and waveforms which pass
through the “Torque phase u” circle correspond to the the torque terminal.
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Table 8.7: Winding factors for example separate suspension winding
h 1 3 5 7 9 11

kwn | 0937 0.515 0.027 0.185 0.101 0.042

a much larger suspension force at the rated suspension current with lower normalized
force ripple. However, the conventional suspension winding cannot occupy the entire
slot space because a portion of the slot space must be allocated to the torque winding.

FEA was conducted on the example machine when 25% of the slot space is allo-
cated to the suspension winding and 75% to the torque winding. This results in a 25%
reduction in the machine’s rated torque as compared to the DPNV winding (when the
DPNYV winding is carrying no suspension current). The suspension force characteristics
are summarized in the last row of Table R.0, where it can be seen that the rated suspen-
sion force is comparable to the DPNV designs but the normalized force ripple is much
improved.

In a flywheel system, where the rotor has considerable momentum and is rotating
at a high speed, the force ripple of the suspension characteristic is hardly a concern.
Furthermore, because of the high rotational speed, the flywheel rotor has substantial
gyroscopic stability and therefore when the rotor is not passing through a critical speed,
the suspension current is expected to be nearly zero, enabling a greater torque capability
which is extremely advantageous as it increases the flywheel module’s power density.
Therefore, even with the low suspension winding factor, the DPNV winding is seen to
be at a considerable advantage to the conventional bearingless winding approach for use

in flywheel energy storage.

8.4 Control design and implementation

The control implementation of drives for bearingless DPNV machines was previously
described Chapter [[ and depicted in Fig. [Z.8] for machines with two degrees of freedom
in the suspension operation. The constructed bearingless prototype machine has four
degrees of freedom: radial z-y position in two planes, giving it x-y control of its shaft
as well as tilting in the x and y directions. The rigid body model of this machine was

derived in Section and the results of this derivation were used to design the control
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logic for the prototype drive, which is now described. An overview of the control logic
is presented; the PI and PID controller designs are investigated; and finally, details of

the hardware implementation are summarized.

8.4.1 Control overview

To provide four-axis control, the previously presented control diagram of Fig. [Z.8] is
replaced by Fig. This control is based on the rigid body model depicted in Fig. [5.2]
where the rotor position in the z and y axes are decoupled. Detailed diagrams of the
position and current controllers are depicted in Fig. BI7 and the PI and PID in Fig.[RI8]

The rigid body model has state variables of §y and €, as labeled in Fig. and
expressed in state-space form in (5.2]). An independent set of these states exist for
each axis (z and y). Using the transformed inputs defined in (83, decoupled transfer
functions can be written for each of these states (8] which have the same unstable

poles that were identified in Section

Fo = kypig
Feo = kyis
Foum = Fe1 + Fe2
Faig = Fe1 — Feo (8.5)
do(s) 1/m
Foum(s) 8% — [ks|/m
0(s) rs/I (8.6)

Faig(s) % —rjlks|/1
The position PID controllers of Fig. BI7al are designed to operate on these decoupled
transfer functions. Note that k¢, is1, and i5 have the same meaning as defined in Sec-
tion The currents i5; and is9 are the equivalent suspension current in a winding
spanning the top or bottom airgap for the given axis (x or y). As was done in Fig. [I.§]
these equivalent currents are calculated by a d-q transformation of the three phase sus-
pension currents, using the angle ¢ . However, here armature reaction flux is neglected
so ¢y is a constant value fixed to the z-axis, which in this prototype is set to the phase
u winding axis and assigned to 0° (notice the 0 values being fed into the suspension

current controllers of Fig. B10]).
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Figure 8.16: Bearingless drive top-level control schematic. The blocks labeled as “Po-
sition Controller” and “Current Controller” are depicted in detail in Fig. BI7 The
current controllers for torque current control do not implement zero sequence control.
The green elements are only required for the parallel DPNV drive configuration.
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Figure 8.17: Position and current control schematics. The red elements are only used
when the controller provides zero sequence current control. The elements in the shaded
gray box are used for feedforward compensation and are used when % = w # 0, which is
only the case for the torque current controllers. The PID and PI controllers are depicted

in detail in Fig. RIS
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In Fig. BI7al the 6 and &y state variables are calculated from top and bottom rotor
position values by the block labeled “Convert to State Variables” by (8.7]), using the
notation indicated in Fig. To speed up the control loop, these equations have been
linearized using the small angle approximation that sinf = 6. If the position sensors
are located at a distance other than rs from the axial center of the shaft, this distance
is substituted in place of rs in (7)) when calculating the measured rotor position.
1
2rs
o = % (61 + d2) (8.7)

0= — (61— 62)

Similarly, the reference values of Fyu, and Fgig that the position controllers generate
must be converted back to reference top and bottom forces. This is done by the block
labeled as “Convert to System References” in Fig. BI7al using (8.S)).

Fcl _ Fsum ;‘ Fdiff
Fyum — Fy;
Fc2 _ Isum 5 diff (88)

In Fig. B.I6, the reference force values are divided by kj to calculate the corresponding
suspension current references and then fed into the appropriate top or bottom suspension
current controller.

Similar to Fig. [[.8] the extra current control logic required for the parallel DPNV
drive configuration is indicated by green shaded blocks. The logic required for zero se-
quence current control is drawn in red in Fig.[8.17bl As was the case in Chapter [7, these
controllers are only present in the suspension current controllers. The computation done
in the “Reference frame change” block is given by (8.9). In Fig. RI7hl the computation
done in the “Convert UVW to DQO” block is given by (8I0) and the “Convert DQO
to UVW?” block performs the inverse of this. When the current controller is being used

for suspension currents, d and ¢ quantities are replaced by x and y quantities.

do = dcos (0 — 0y) — gsin (0 — 6)
qo = dsin (0 — 0y) + g cos (0 — bp) (8.9)
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Figure 8.18: PI and PID controller blocks.

d cos  cos(0—2m/3)  cos(0+2m/3) U
q¢=vV2/3|—sinf —sin(d—2n/3) —sin(@+27/3)|{V (8.10)
0 1 1 1 w

8.4.2 PI current controller design

For both the torque and suspension current controllers, the winding model looks like
an R-L load. The resistance is simply the phase resistance and the inductances are
the transformed d-q (or 2-y) quantities. The machine was designed so that Ly ~ L,
and L, ~ L,, which means that the d and ¢ PI controllers are identical within a single
current controller block. Because of the orientation of the winding coils within a coil
group leading to the no-voltage suspension condition, the values of L, and L, are simply
equal to the phase leakage inductance. The zero sequence R-L plant, and therefore PI
controller, is identical to the suspension plant (and PI controller).

The closed loop transfer function used for the current controller design is depicted
in Fig. where C(s) is the controller, G(s) is the plant, and L corresponds to the
d-q or z-y quantity. The loop gain is given by (8IT]).

I(s) = C(s) x G(s)

kp (s L}
_ 7LS<(81'%2 (8.11)

The controller gains (812]) were chosen to achieve a desired controller bandwidth w,

and to cancel the plant’s open-loop pole. This was done to achieve a first-order closed
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i*_>§>-{o(s) :kp+%|——|G(s) _ ﬁl——» ;

Figure 8.19: Diagram of model for current controller design

loop system (813).

kp = Lw,
ki = Rw, (8.12)

fes(s) = 1y
IL(S)
1+ [L(S)
1

= o1 (8.13)

8.4.3 PID position controller design

The transfer functions for the 6 and g state variables (8.0]) differ in terms of the unstable
pole location and gain. This means that different PID controller gains will be used for
each PID controller block in Fig. RI7al The PID controller implementation is shown in
Fig. BI8bl This is a standard PID controller with the exception that a low pass filter
composed of a single high-frequency pole has been placed in series with the derivative
term. This is to attenuate the controller’s response to high frequency noise that may
otherwise result in unstable operation. It should be noted that the simplest controller
required to stabilize the system is actually a PD controller. However, such controllers
allow for a dc force to result in a constant control error. For this reason, integral action
is used.

The PID controller transfer function can be expressed in terms of its poles and zeros

(BI4). The controller gains can be calculated from the desired poles, zeros, and dc gain
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kac (8I5).

sfwp+1

(kpJwp + ka)s? + (kp + ki Jwp)s + k;

N s(s/wp+1)

(s/wz1 +1)(s/wye + 1)
s(s/wp+1)

1
C(s) = k’p—i—k’ig + kyq

= kdc

(8.14)

ki = kdc

1 g w1
k:d:k:dc< _ YAt W ) (8.15)

WaWz2  WalWeawpy W2

To generalize the design procedure, a generic plant transfer function is defined here

([BI6]), where kg and w, are replaced with the actual values of either transfer function

defined in (R.0).

w2ka

G(S) - 3

s2 — w?

k
~ (s/we + 1)?s/wm Y (8.16)

The closed loop model used for the PID controller design is depicted in Fig. B20]

where Ior(s) corresponds to the inner current control loop. The frequency design
method is used, with the primary objective of stabilizing the system. Approximated,
idealized bode plots of the various model transfer functions are shown in Fig. B2T]where
it is seen that G(s) has a constant phase angle of —180°. To stabilize the system, the
open-loop phase angle must be greater than —180° at the cross-over frequency (the
frequency at which the loop gain is at unity magnitude). To do this, the first zero of
(BI4]) must be located far below the cross-over frequency to boost the phase angle and
prevent premature attenuation of the loop gain due to the poles of G(s). The location
of the second zero is chosen to further boost the phase angle to obtain a desired phase
margin at the cross-over frequency. The dc gain kg, of C(s) is used to set the cross-over
frequency. Finally, the pole in series with the PID controller’s derivative term is set to

a value far greater than the cross-over frequency.
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Figure 8.22: Schematic of the control hardware. The actual hardware is shown in

Fig. B3l

The primary design input parameters are the desire phase margin ¢py and the
cross-over frequency w., which have a strong effect on the suspension performance. The
controller gains were calculated from these parameters by (8I7). The expressions for
w1 and wy, were chosen based on what worked well in practice. As will be discussed later,
it is suspected that a detailed controller tuning effort may yield significant improvement

in suspension performance.

wy1 = w/100
wp = 4w,

We
W22 =

tan (¢PM + 90 + arctan :j—; — arctan 5—;1 + arctan Zj_;>

1
CGw o] HerGwo)l 1GGwo)

(8.17)

8.4.4 Hardware implementation

A diagram of the control hardware is shown in Fig. The main control logic has been
written in C code and runs bare-metal on the DSP portion of a Xilinx Zynq SoC. The
DSP board is interfaced to a custom FPGA circuit board developed in the UMN Power
Electronic’s Research Laboratory via a high speed data bus. This custom FPGA circuit
board contains analog to digital converters (ADCs) to interface to the eddy current
position sensors used for rotor position feedback and the hall-effect current sensors used
to measure the phase current. Low pass, first order filters are placed in front of the
ADCs to prevent aliasing. These filters are implemented with simple R-C' circuits.

The FPGA circuit board also contains the PWM output drivers which are used to
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send transistor gate pulses to the power electronic inverters. The power electronic in-
verter circuit topologies used were described in Chapter [[l The DSP writes duty ratio
values for each 2-level half-bridge inverter circuit to the FPGA. The FPGA then gener-
ates PWM signals from these duty ratio values via a triangle comparator. The FPGA
synchronizes its sampling of the ADCs to the positive and negative peaks of triangle
comparator to minimize switching noise. This means that the ADCs are sampled at
twice the inverter’s switching frequency. The FPGA then uses first-order, low pass dig-
ital filters to remove frequency components that would be aliased by the DSP’s digital
control loops’ sample rate. The filtered ADC values are stored in FPGA registers from
which the DSP reads new values at every iteration of its digital control loops.

The machine parameters used for the controller design are given in Table B8 and
the controller parameters and hardware information are provided in Table

There was no encoder used in the final prototype testing. Instead, a stationary
value of # from Fig. was selected and a torque current was flown to align the
rotor. Then, increasing values of w were used until the desired w value was obtained.
If w was increased too rapidly or reached too great of a value, the machine would lose
synchronism and the rotor would spin down. While the lack of an encoder made it
impossible to flow true ¢ or d axis current and limited the maximum rotational speed,
it was advantageous to the suspension performance results because it meant that the
rotor had no contact with, and therefore experienced no forces from, the stator. Future
work is planned to mount an encoder onto the rotor in a way that provides minimal
interference from the stator and will allow test results to be taken at higher rotational
speeds.

When the rotor is centered in the airgap, the suspension system is at an unstable
equilibrium and therefore a well-tuned suspension control system should require very
little current. However, despite efforts to precisely align the axial PM bearing and the
eddy current position sensors, zero position references for the top and bottom x/y rotor
position (top x*, bot. z*, top y*, bot. y*) required significant suspension current to
maintain the rotor’s position. To remedy this, the magnetic center of the system was
found by “tuning” the values of the position references. This was done with an iterative

process, as follows:

1) rotate the rotor in 10° increments (corresponding to the cogging locations for a
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Table 8.8: Machine parameters used for controller design

Bridge Parallel
Suspension R* 1.1Q 3.0Q
Ly, Ly, Lo® 0.41 mH 4.50 mH
Torque R° 0.8Q2
Lg, L,¢ 3.80 mH
nf 5.60 mH
kp(ip)e 11.4i5 + 0.8¢% — 0.52i% \ 22.8iy + 1.6i% + —1.054}
ks (i) (35.9i7 — 246232 + 4133 ) x 10°
m 12 kg
I 0.105 kg-m?
rs 48.5 mm
Tsense! 191 mm

“All sus. resistance values were measured using an LCR meter at the inverter terminals.

All sus. inductance values were measured using an LCR meter at a frequency near the current
controller’s bandwidth at the inverter terminals.

‘DC measurement using a multimeter

¢All torque inductance values were calculated using 3D FEA.

°ky and ks are specified as polynomials of the field current as was done in Chapter[5l The polynomial
parameters were calculated using 3D FEA models of the constructed prototype in the same manner as
in Chapter

fThe axial distance from the position sensor to the center of the shaft. This replaces rs when
calculating the state variables from position sensor readings in (8.7
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Table 8.9: Control design and hardware parameters@

dPMm

Position controller w,
Current controller w,
R-C filter bandwidth®
Digital filter bandwidth®
Digital control frequency?
Inverter switching frequency
DSP

FPGA

Position sensors

50° for dg, 60° for 0
2w x 75Hz
2w x 1.25kHz for sus., 1kHz for torque
2w x 3.6kHz for pos., 16kHz for cur. sensors
2w x  400Hz for pos., 9kHz for cur. sensors
20kHz
100kHz
Xilinx Zyng-7000 AP SoC XC7Z020-CL.G484
on the Avnet ZedBoard 7020
Xilinx Spartan 3E XC3S500E
on a custom PCB
Kaman DIT5200-20N

“Several different values of phase margin, filter bandwidth, and controller bandwidth were used.
The data presented in this table are the final values which were found to yield the most satisfactory

performance.

This is the bandwidth of the first-order, low pass filter used on the FPGA circuit board to prevent

ADC sampling aliasing.

“This is the bandwidth of the first-order, low pass digital filter that the FPGA uses on sampled ADC

values to prevent digital control aliasing.

YThe frequency, or inverse of the sampling rate, at which the digital control loops were run.
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Table 8.10: Final reference values for the rotor’s magnetic center

top z* 0.251 mm
top y* || —0.053 mm
bot. z* || 0.089 mm
bot. y* || —0.140 mm

36 slot stator) and average the required z and y top and bottom currents over an

entire revolution;

2) change each position reference in a manner to decrease the magnitude of the

averaged = and y top and bottom currents;

3) repeat steps 1) and 2) until satisfactory stationary suspension currents are ob-

tained.

This process had to be repeated every time any modification was made to the test

stand which disrupted the magnetic center. Final reference values used are shown in

Table 8101

8.5 Results

Results from the hardware prototype of the bearingless machine are now presented.
The DPNV winding was tested in both a parallel and a bridge configuration with and
without zero sequence current controllers for various speeds and armature torque current

values

8.5.1 No load

First, the machine was operated with mechanical bearings to measure the no-load ter-
minal voltage characteristic. A dc power supply was used to provide rated current to
the field winding. An electric drill was coupled to the rotor and used to rotate the rotor

at 1000RPM. The results of this are shown in Fig. 8.23] for the armature coil groups

3

Portions of the material in this chapter have also been published or submitted for publication
in [461[47,49].
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connected in both parallel and bridge configurations. From these results, it is clear the

suspension winding experiences no significant motional-EMF.

8.5.2 Full bearingless operation

Experimental results are now presented for the parallel and bridge under full bearingless
motor operation at a rotational speed of 1000RPM while 1.5A RMS of current is flowing
in the motor phases. In an effort to illustrate the torque inverter’s impact on the
suspension terminal currents, only the torque inverter for the top DPNV winding is
connected in both configurations.

In the bridge configuration, 20V buses were used for the suspension inverters and a
40V bus was used for the torque inverter. The terminal currents are shown in Fig. [8.240)]
along with the orbital x-y positions in Fig. An ac suspension current with a fre-
quency equal to the rotational speed is clearly visible. This is because the rotor does not
remain perfectly centered over a single revolution, causing the suspension controller to
generate restorative forces with a period of one revolution. Terminal current waveforms
for the parallel DPNV drive are shown in Fig. This drive is implemented with a
single voltage bus of 40V, matching Fig. [(.6al

The suspension controller’s measured shaft displacement input and force references
were logged and are displayed in Fig. This data shows that the machine is utilizing
approximately 18% of its rated suspension force, meaning that approximately 82% of
the slot space can be devoted to torque production. As the rotor speed increases, gyro-
scopic stabilization increases which decreases the amount of required suspension force,
giving the machine a higher torque capability. This dynamic torque capability com-
pares favorably to the example of a conventional bearingless winding design considered
in Section [R.3.3] where the torque slot space was permanently fixed at 75%.

The bridge and parallel configured drives were both operated with and without the
zero sequence current controller described in Fig. [7.9] of Section The zero sequence
currents are calculated from (.I1]) and the results are shown in Fig. For the bridge
configuration, it can be seen in Fig.[8.26al that there was very little zero sequence current
present without the controller, and therefore little improvement was obtained with the
zero sequence controller. However, the results for the parallel configuration without

the zero sequence controller had significant circulating currents and highly distorted
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Figure 8.23: No-load torque (V,,) and suspension (V,) terminal voltages when the shaft
is centered with mechanical bearings and rotated at 1000 RPM.
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configuration. The data were collected from the DSP-based controller: the controller’s
measured z and y displacements and generated x and y corrective forces were logged
for 200ms.
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Figure 8.27: Results for parallel configuration at 2500 RPM with 85% of rated torque
terminal current; I, and I/, are the currents into the top and bottom suspension
terminals; the data in (b) was collected over a period of one second.

terminal current waveforms, shown in Fig. R26bl In this case, adding zero sequence
current control made a substantial improvement to the terminal current waveforms,
shown in Fig.

Finally, to investigate the effect of loading on the bearingless performance for dif-
ferent rotational speeds, the machine was operated at various levels of the rated torque
current in the top airgap winding and for varying speeds up to 2500 RPM. Again, the
bottom torque inverter was disconnected to clearly demonstrate the impact of torque
current. Isolated voltage buses were used for the suspension and torque inverters to
enable the torque inverters to have a higher voltage bus to support the greater back-
EMF present at high rotational speeds while allowing the suspension inverters to have
a lower voltage bus to minimize EMI in the position sensors. The rotor displacement
was recorded for each airgap over a period of one second under varying conditions. The
maximum displacement observed is shown in Fig. The amount of torque terminal
current is found to have no effect on the machine’s bearingless performance. Further-

more, the machine’s control is clearly about to maintain the rotor’s position at all tested

speeds.
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Chapter 9

Conclusion and Future Work

9.1 Conclusion

The primary conclusion of this dissertation is that energy storage devices based on
flywheel technology have the potential to simultaneously provide both frequency regu-
lation and load following services to the power grid in a modular form factor that can be
installed locally on a per-need basis. However, to develop such a device, key obstacles
in flywheel technology must be resolved. The most important of which is the high rate
of self-discharge that flywheel systems experience when idling due to magnetic losses in
the permanent magnet motor/generator. This dissertation has re-envisioned the design
of flywheel energy storage devices to be based around the bearingless ac homopolar
machine. It has shown that the field excitation of this machine can be easily removed
when idling to eliminate the magnetic losses that cause self-discharge. Furthermore,
the dissertation has shown that designs based around the ac homopolar machine al-
low for several secondary benefits to flywheel systems, including reduced overall system
complexity and cost due to the elimination of separate radial magnetic bearings.

At the onset of this disseration, the bearingless ac homopolar machine was an imma-
ture technology with very few examples of prototype machines available in the literature.
This dissertation has advanced the state-of-the-art of this technology as both a bear-
ingless machine and as a motor through contributions in magnetic modeling, winding
design, control, and presenting experimental validation of these aforementioned con-

tributions. All of this has laid the ground work and justification for future design
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optimization of this machine.

Finally, this dissertation has also made significant contributions to the broader field
of bearingless machine design through its derivation of dual purpose no voltage winding
design rules, a design procedure, and drive implementations. By using the same coils for
both torque and radial force production, these windings will increase the torque density
of future bearingless machine designs and reduce the cost of bearingless machines to
values closer to what is required of non-bearingless machines. In effect, this technology
will lower the threshold of need that is required to consider a bearingless design, resulting

in more optimal electromechanical devices.

9.2 Future work

Several future projects are suggested to continue the development of flywheel energy
storage based around the bearingless ac homopolar machine as well as to continue the

development of dual purpose no voltage bearingless windings.

e The experimental validation of the prototype has placed no emphasis on optimal
control. It is suggested that future work experimentally measure the machine’s
suspension transfer functions and thoroughly explore the performance improve-
ments that can be achieved by control tuning or alternative control implementa-
tions. Furthermore, the experimental prototype did not make use of an encoder
and because of this the maximum achievable rotational speed was limited to 2500
RPM. Next steps should involve either mounting an encoder on the prototype or
exploring sensorless techniques (see the next item) to increase the rotational speed.
Note that higher speeds may require more advanced control design to handle the

changing suspension pole locations due to gyroscopic effects.

e An exploration of sensorless and self-sensing control techniques for both the rotor’s
angular position and the rotor’s linear position is suggested. The eddy current
linear position sensors used for feedback were expensive and, if they are required in
final flywheel system designs, would constitute a significant portion of the mod-
ule’s cost. While angular position detection can be implemented with low-cost

equipment, it adds manufacturing complexity/cost and overall system reliability
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concerns. For these reasons, a fully position-sensorless flywheel system would have

considerable advantages.

Now that computationally efficient magnetic models have been developed and once
sensorless techniques are developed and validated in the bearingless ac homopolar
prototype, the logical next step is to consider the design optimization of an outer-
rotor prototype. Of particular interest is the achievable cost/kWh, cost/kW, and
suspension power needed to maintain levitation while the machine is idling. The
suspension power will act as a source of self-discharge, which must be carefully
considered in the design optimization. Also of interest in the design optimization
is the mechanical design integrating the flywheel and the machine’s rotor. The
loading from the rotor teeth at high speeds and the PM axial bearing on the
flywheel will need to be taken into account. When carbon composite flywheels are
used, careful consideration must be given to the machine’s operating temperature

to prevent weakening and catastrophic flywheel failure.

Apart from flywheel energy storage, future work can be conducted to continue
the development of bearingless machines with dual purpose no voltage windings.
One aspect of these windings which has not been explored in this dissertation
is their ability to passively provide corrective forces when the rotor is eccentric.
Designs that generate these forces can use standard motor windings (that have
modified end-connections) and must only have their suspension terminal connec-
tions short-circuited. The generated forces could potentially be used to dampen
rotor vibrations in conventional machine designs and, because this comes at nearly
no additional cost, could have a huge impact on large-scale machines where reli-
ability is especially important. Future work focusing in this area should explore
requirements on winding factors and rotational speeds to develop significant forces

in the presence of eccentricity.
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